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ABSTRACT

This paper describes vibratory load reduction
due to blade vortex interaction (BVI) using an ac-
tively controlled trailing edge flap (ACF). Two aeroe-
lastic models capable of simulating the vibration re-
duction process have been developed. The first uses
quasisteady aerodynamics for the calculation of blade
loads; the second employs a new compressible un-
steady aercdynamic model. Both models are com-
bined with a free wake simulation capability for cap-
turing the effects of BVI. Reduction of 4/rev vibra-
tory hub loads was studied in a four-bladed hinge-
less rotor. Results from the simulation were com-
pared with experimental data. The vibration réduc-
tion study indicates that the ACF has remarkable
potential for reducing vibratory hub loads induced by
BVI. Good correlation with experimental results rel-
ative to 2/rev, 3/rev, 4/rev and 5/rev flap actuation
was obtained.

LIST OF SYMBOLS

1oy Blade chord

Ces Control surface chord

Cao Blade profile drag coefficient

Cr Flap correction factor

Cw Weight coefficient of the helicopter
C Assembled damping matrix
Dy,D;  Generalized flap motions

1, Vector of blade equations

f Vector of trim equations

EI,, EI. Blade bending stiffinesses in flap and lead-
lag, respectively

F Assernbled load vector

J Controller performance index

ka Polar radius of gyration of blade cross sec-
tion, k4 = (BI, + EL)/EA

km Mass radius of gyration of blade cross sec-

tion, k2, = k2, + k2, - per unit length

* Postdoctoral Scholar
TFrancois-Xavier Bagnoud Professor of Aerospace Engineer-
ing

Emi,kme2 Principal mass radii of gyration of the cross
section - per unit length

K Assembled stifiness matrix

le Length of beam element

Ly Blade length

Les Control surface length

m Blade mass per unit length
M Assembled mass matrix

T Number of blades

ap Vector of blade dofs

qs Vector of trim parameters

R Rotor radius

T Matrix of control sensitivities
u,v,w Components of displacement
u Vector of control input harmonics

Wy, W1, Generalized airfoil motions

Wi, Wa,, W, Control weighting matrices

Xes Distance from blade root to control flap
midpoint

Xra,Xre Horizontal offset of fuselage aerodynamic
center and fuselage center of gravity from
hub

Z Vector of 4/rev hub loads

Zra,Zpe Vertical offset of fuselage aerodynamic
center and fuselage center of gravity from

hub
o Amplitude of warping
GR Rotor trim pitching angle
Bp Blade precone angle
~y Lock number

Vx¢s VensToms Tg¢ Shear strain components, overbars
denote strain at elastic axis

o.f1c,01s Collective and cyclic pitch components

Tail rotor collective pitch

Induced velocity vector

Tip anhedral (positive up) and sweep (pos-

itive aft)

Advance ratio

Elastic twist angle of blade

Rotor trim rolling angle

Azimuth angle

Rotor solidity ratio

Rotor angular velocity
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1 INTRODUCTION

An important source of higher harmonic air-
loads on helicopter blades, at lower advance ratios, is
the phenomenon known as blade-vortex interaction
(BVI) [1]. It consists of a vortex-induced loading due
to the interaction of a blade with the wake tip vortex
generated by the preceding blades. Blade-vortex in-
teraction is important since it has a strong effect on
vibratory response at low advance ratio descent. A
number of analytical and experimental studies have
been focused on the BVI phenomenon [2,3], and alle-
viation of BVI effects has been studied using higher
harmonic control [4] and individual blade control [5].
A recent study by the authors {6-8] made an impor-
tant contribution towards understanding the physical
mechanism of BVI, and the potential for its allevia-
tion using the actively controlled flap. The study
concluded that alleviation of BVI-induced vibratory
loads is more complicated than the reduction of vi-
bratory hub loads due to high speed forward flight.
Simulation of BVI requires a refined wake analysis
tool for predicting the effects of the wake vortices on
the inflow distribution at the rotor disk. This aero-
dynamic tool must be capable of an accurate predic-
tion of the position of the tip vortices and the over-
all geometry of the helicopter wake with respect to
the rotor blades. Moreover, it needs to be computa-
tionaily efficient, since it must be combined with the
helicopter aeroelastic response solver.

The desire to develop rotorcraft having "jet
smooth” ride has shifted the emphasis in the area of
vibration alleviation from traditional passive means
of vibration reduction such as vibration absorbers and
isolators to active control strategies [9]. Among the
active control approaches the actively controlled flap
(ACF) based on a controlled partial span trailing edge
flap located in the outboard region of the blade has
emerged as a leading candidate for practical imple-
mentation. Recent analytical {10-16] and experimen-
tal [17-19] studies have confirmed the potential of
the ACF to reduce vibrations in forward flight and
preliminary studies have also indicated a potential
application to noise reduction [20,21]. The experi-
mental work by Fulton and Ormiston {18,19,22] has
provided good quality experimental data on the prac-
tical implementation of the ACF and its application
to fundamental vibration reduction in the open loop
mode. The tests were performed on a small scale,
7.5-ft diameter rotor in the Army/NASA 7 x 10 £t
wind tunnel.

Recently, Myrtle and Friedmann [13, 14]
developed a new compressible unsteady aerody-
namic model for the dynamic analysis of a rotor
blade/actively controlled flap combination. In vi-
bration control studies performed using the ACF

with the new aerodynamic model [13-15), signifi-
cantly higher average and instantanecus flap actu-
ation power requirements were obtained when com-
pared to those based on quasisteady aerodynamics.
From these studies it was concluded that unsteady
aerodynamics and compressibility effects need to be
included in simulations of the ACF, so that more ac-
curate specifications for flap actuation requirements
is provided.

Despite the significant amount of analytical
studies on the actively controlled flap, little work has
been done on validating the theoretical modeis for the
ACF versus experimental results. A comparison be-
tween analytical and experimental results is essential
to validate the promising theoretical results for a real-
world application. Milgram and Chopra performed a
correlation study [23] between the UMARC [24] and
CAMRAD/JA [25,26] analysis codes and the experi-
mental data obtained in a wind tunnel test of the Mc-
Donnell Douglas Active Flap Rotor (AFR) conducted
in the NASA-Langley 14 x 22 ft wind tunnel [21].
The results from the correlation were somewhat in-
consistent, with some analytical results showing good
agreement with experimental data and others exhibit-
ing poor correlation. Ormiston and Fulton {19] pre-
sented comparisons between experimental data and
results from two analytical models: a simplified rigid
blade model {19] and an elastic blade representation
modeled using the 2GCHAS code [27]. The primary
purpose of the comparison was to interpret some dy-
namic phenomena observed in the experimental re-
sults therefore the variables compared were not di-
rectly related to the vibration control problem.

The overall goals of the study are: (1) the de-
velopment of closed loop control strategies, in the
time and frequency domain, for effective reduction
of vibrations due to BVI, using an actively controlled
flap, and (2} validation of the theoretical models de-
veloped versus the experimental results provided in
Ref. 18. Two aeroelastic models have been devel-
oped for the purpose. The first model is emploved for
the aeroelastic analysis in the frequency domain us-
ing quasisteady aerodynamics to calculate the blade
aerodynamic loads. The second model is used for the
time domain analysis using compressible, unsteady
aerodynamic theory.

‘The specific objectives of the paper are:

(1) Development of an aeroelastic response simula-
tion capability both in the time and frequency
domain suitable for representing BVI effects on
helicopter rotors including the new unsteady
compressible aerodynamic model developed in
Ref. 13.

(2) Determine the effect of unsteady aerodynamics
on BVI and its control by comparing the results
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using quasisteady aerodynamics and the new un-
steady model.

(3) Conduct active control studies for BVI allevia-
tion using the ACF in closed loop mode.

(4) Correlate results from the aeroelastic model de-
veloped in the study with the experimental data
obtained in Ref. 18.

2 WAKFE MODEL

The aeroelastic models developed in this study
are combined with a free wake analysis from which the
nonuniform induced velocity distribution at the rotor
disk is calculated. The rotor wake model used in the
study has been extracted from the comprehensive ro-
tor analysis code CAMRAD/JA (25, 26] distributed
by Johnson Aeronautics. It consists of a wake ge-
ometry model, which determines the position of the
wake vorticity in space, and a wake calculation model,
which calculates the nonuniform induced velocity dis-
tribution given the wake geometry.

The wake geomeiry routine was developed by
Scully [28]. The wake vorticity is created in the flow
field as the blade rotates, and then convected with
the local velocity of the fluid. The local velocity of
the fluid consists of the free stream velocity, and the
wake self-induced velocity. Thus, the wake geometry
calculation proceeds as follows: (1) the position of the
blade generating the wake element is calculated, this
is the point at which the wake vorticity is created; (2)
the nndistorted wake geometry is computed as wake
elements are convected downstream from the rotor by
the free stream velocity; (3} distortion of wake due to
the wake self-induced velocity is computed and added
to the undistorted geometry, to obtain a free wake
geometry. The position of a generic wake element
is identified by its current azimuth position ¢ and
its age ¢. Age implies here the nondimensional time
that has elapsed between the wake element’s current
position and the position where it was created. By
carrying out this procedure, the position of a generic
wake element is written as:

Fulth, ®) = 73 (9 — ¢) + ¢9w + D(vp, ) (1)

where 73(¢ — @) is the position of the blade when it
generates the wake element, #w is the free stream
velocity, and 13(1,[), @) is the wake distortion, obtained
by integrating in time the self-induced velocity acting
on the wake element. The first term is the position at
which the wake was created, the second term is the
convection due to the free stream velocity, and the
third is the distortion due to the self-induced velocity.

The wake calculation model, developed by
Johnson [29], is based on a vortex-lattice approxi-
mation for the wake. The wake is composed of two
main elements: the tip vortex, which is a strong, con-
centrated vorticity filament generated at the tip of
the blade; and the near wake, an inboard sheet of
trailed vorticity, which is much weaker and more dif-
fused than the tip vortex. The tip vortex elements are
modeled by line segments with a small viscous core
radius, while the inboard wake can be represented by
vortex sheet elements or by line segments with a large
core radiug to eliminate large induced velocities. The
near wake vorticity is generally retained for only a
number K yw of azimuth steps behind the blade.

Figure 3 shows the wake module components
and the uniform inflow calculation procedure. Given
the blade displacements and circulation distribution,
the wake geometry is calculated. Once the wake ge-
ometry has been determined, the procedure calculates
the influence coefficients, which are stored in the in-
fluence coefficient matrix. The induced velocity dis-
tribution is obtained by conveniently multiplying the
influence coefficient matrix times the circulation dis-
tribution.

3 AEROELASTIC MODEL FOR
FREQUENCY DOMAIN ANALYSIS

3.1 Structural Dynamic Model

The structural dynamic model adopted has
been developed in an earlier study conducted at
UCLA [30). The blade is modeled as an elastic
rotating beam that consists of a straight portion
and a swept tip, whose orientation with respect to
the straight portion is described by a sweep angle
As, positive aft, and an anhedral angle Ap, posi-
tive up. The blade configuration is shown in Fig.
1. The blade is modeled as a one-dimensional strue-
ture composed of a series of beam-type finite ele-
ments. A single finite element is vsed fo model the
swept tip. The model has provisions for arbitrary
cross-sectional shape having mulitiple cells, generally
anisotropic material behavior, transverse shear and
out-of-plane warping. The general strain displace-
ment relations for the beam are simplified by using
an ordering scheme [31] allowing one to express the
strain components in terms of seven unknown wvari-
ables: the displacement components u,v,w, the elas-
tic twist ¢, the warping amplitude &, and the trans-
verse shears at the elastic axis J,,,, ¥,.. Constitutive
relations are introduced based on the assumptions of
linear elastic and generally orthotropic material prop-
erties.

Hamilton’s principle is used to formulate the
blade dynamic equations. Hermite polynomials are
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used to discretize the space dependence of the ele-
ment generalized coordinates: cubic polynomials are
used for v and w, quadratic polynomials are used for
¢, u, a, 7, and Fac- The resulting beam element
consists of two end nodes and one internal node at its
mid-point, and has a total of 23 degrees of freedom,
as shown in Fig. 2. Using the interpolation polyno-
mials and carrying out the integration over the ele-
ment length, the finite element equations of motion
for each beam element are written. The nonlinear
blade equations of motion are obtained from a finite
element assembly procedure:

M(qpb) Gb + Cl<e, qb) 95 + K(go, b, qb) gb +
F(Qbaélby qb) =0 (2)

To be able to model the BVI control problem, an ac-
tively controlled trailing edge flap was incorporated
in the blade aeroelastic model. The control surface is
assumed to be an integral part of the blade, attached
by hinges at a number of spanwise locations (Figure
1). The flap is assumed to rotate in the plane of the
blade cross section. The flap deflection is considered a
controlled quantity. It is also assumed that the pres-
ence of the small flap, located in the outboard region
of the blade, has a negligible effect on the blade de-
formation. Thus, only the inertial and aerodynamic
effects associated with the flap are included in the
aeroelastic model, and the structural effects due to
the flap are neglected. Two modules in the original
aeroelastic analysls were modified to account for the
presence of the flap, namely: (1) the free vibraiion
analysis, that produces the mode shapes and frequen-
cies, and (2) the aeroelastic response calculation. Ad-
ditional details on the implementation of the flap in
the structural dynamic and aercelastic analysis can
be found in Ref. 6.

3.2 Aerodynamic Loads

The aerodynamic loads are calculated from
a maodification of Theodorsen’s quasisteady aerody-
namic theory [10]. To account for the effect of reverse
flow on the aerodynamic loads, lift and moment are
set to zero within the reverse flow region, and the
drag force is reversed in direction. The implementa-
tion of this aerodynamic model is based on an im-
plicit formulation [32] where the expressions used in
the derivation of the aerodynamic loads are coded
in the computer program and assembled numerically
during the solution process.

3.3 Method of Solution

A modal coordinate transformation is per-
formed on Eq. (2) to reduce the size of the problem.

A substitution approach [30] is used for the treat-
ment of the axial degree of freedom, so as to properly
account for the centrifugal force and Coriolis darmp-
ing effects. In this approach, both the axial degree
of freedom and the axial equation of motion are re-
tained in the aeroelastic calculation. Three flap, two
lag, two torsion and one axial mode are employed in
the modal coordinate transformation.

The coupled trim/aercelastic analysis in the
model is based on the blade equation, corresponding
to Eq. (2), which are rewritten as:

fb(qb,qb,éb, Qt;"/)) =0 (3)

and the trim parameter vector is given by

gy = {aR,HO,ch,els,GP,QSR} (4)

The trim equations, representing the force and
moment equilibrium of the helicopter in steady, level
flight, can be written as

f:(ab, ab, Gb, 9 ¢) = 0 (5)

Three force and three moment equilibrium
equations are enforced.

The coupled ftrim/aerocelastic response solu-
tion is solved simultaneously using the harmonic bal-
ance method. The coupled trim/aeroelastic response
problem is reduced to the solution of a nonlinear al-
gebraic system for the unknown variables represented
by the trim parameters q, and the blade motion har-
monics.

The combination of the aercelastic model with
the wake analysis required the implementation of a
circulation iteration loop within the aeroelastic re-
sponse procedure. In the circulation loop, the circu-
lation distribution over the blade span at a number
of azimuth stations is calculated and the induced ve-
locity over the rotor disk is evaluated from the cir-
culation. Once the blade motion has been calcu-
lated for the new induced velocity distribution, the
circulation is reevaluated and convergence is tested.
The iteration continues until the circulation has con-
verged. The convergence criterion is based on the
mean-square of the change in the peak bound circu-
lation from one iteration to the next:

J
23 (AGY < (@ ©)

F=1

where Ga; is the bound circulation peak value at the
azimuth station j, J is the number of azimuth station
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at which the circulation is evaluated, and ¢ is the
convergence tolerance.

The structure of the solution of the
trim/aeroelastic response with the wake module
is shown in Figure 4. Coupled trim/aeroelastic re-
sponse calculation requires the simultaneous solution
of the trim and blade equations in the same loop, so
the circulation calculation has been moved inside the
trim/structural response calculation loop. The wake
geometry and influence coeflicient calculation has
been placed outside the trim/aeroelastic response
iteration.

4 AERQELASTIC MODEL FOR
TIME DOMAIN ANALYSIS

4.1 Structural Model

For the time domain analysis, a simpler struc-
tural formulation intended for the simulation of
isotropic rotor blades has been included in the sec-
ond model, to reduce the computational requirements
Tequired by the unsteady compressible aerodynamics.

The hingeless rotor blade is modeled as a slen-
der beam composed of a linearly elastic, homogeneous
material, cantilevered at the hub. The blade model is
taken directly from Ref. 10 and describes the fully
coupled flap-lag-torsional dynamics of an isotropic
blade. Small strains and finite rotations (moderate
deflections) are assumed, and the Bernoulli-Euler hy-
pothesis is used. In addition, strains within the cross-
section are neglected. The equations of motion for the
elastic blade consist of a set of nonlinear partial dif-
ferential equations of motion, formulated in the un-
deformed system, with the distributed loads left in
general symbolic form.

The control surfaces are assumed to be an in-
tegral part of the blade, attached at a number of
spanwise locations using hinges that are rigid in all
directions except about the hinge axis, constraining
the control surface cross-section to pure rotation in
the plane of the blade cross-section. The control sur-
face does not provide a structural contribution to the
blade, and influences the behavior of the blade only
through its contribution to the blade spanwise aero-
dynamic and inertial loading.

4.2 Aerodynamic Mode}

Aerodynamic loads are modeled using a biade
element formulation, with sectional loads provided by
a new two-dimensional unsteady compressible aero-
dynamic model [14] developed by Myrtle and Fried-
mann [13] for an airfoil/flap combination that in-
cludes unsteady freestream effects.

The aerodynamic model was developed using
a rational function approximation (RFA) [33-35] ap-
proach based on the least squares, or Roger’s approx-
imation [33]. In this approach, oscillatory aerody-
namic response data is used to generate approximate
transfer functions that relate generalized motions to
aerodynarnic loads in the frequency domain.

Cousider an aerodynamic system which is rep-
resented in the Laplace domain by the expression

G(3) = Q(FH(3), (7)

where G(3) and H(3) represent Laplace transforms
of the generalized aerodynamic load and generalized
motion vectors, respectively, Using the Least Squares
approach, Q(3) can be approximated using a rational
expression of the form

QE) =Co+ Cis+ Cot1- (8)
n=1

s
=5+
By using rational expressions, the approximations
can be easily transformed to the time domain to yield
a state space model for the asrodynamic loads that
is compatible with the structural equations of motion
and commonly applied control approaches.

In the present research, a two-dimensional
doublet lattice method [36] based on the Possio in-
tegral equation [37] is used to generate the necessary
compressible flow oscillatory response quantities for a
set. of generalized airfoil and flap motions over range
of reduced frequencies. In addition, the values of the
poles v, have been optimized to produce a minimum
error approximation.

A set of generalized airfoil and flap motions
designated Wy, Wy, Dy, and Dy were chosen which
correspond to the normal velocity distributions shown
in Figure 5. After defining the generalized motion
vector h(t) and generalized force vector £(¢) as

Wﬂ(t) C(t)
we = WO f={ca|.  ©
D?(t) Ch(t)

the aerodynamic system in Eq.(7) can be approxi-
mated and transformed to the time domain to pro-
duce a state space aerodynamic model given by the
£Xpressions

x(t) = -L%an(t) + Eh(2), (10)
f(t) = ﬁ (Coh(t) +C ffizﬁh(t) + Dx(t)) )

{11)

where R, E and D are time invariant matrices ob-
tained by the algebraic manipulation of Eq. {8). The
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aerodynarmic loads £(¢) are given by Eq. (11), and are
a function of a set of aerodynamic states x(¢). These
states are governed by the set of first order differen-
tial equations given in Eq. (10), and are driven by
the generalized airfoil and flap motions contained in
the vector h(f). Additional details on the derivation
of the aerodynamic model can be found in Ref, 13.

In an aercelastic simulation, the aerodynamic
state equations become coupled with the structural
equations of motion and must be sclved simultane-
ously. To account for the effect of reverse flow on the
aerodynamic loads, lift and moment are set to zero
within the reverse flow region, and the drag force is
reversed in direction.

4.3 Method of Solution

The solution of the rotary-wing aeroelastic re-
sponse problem is carried out in two steps. First, spa-
tial discretization based on Galerkin's method [38] is
used to elirninate the spatial dependence, and sub-
sequently the combined structural and aerodynamic
state equations are solved in the time domain.

In this study, Galerkin’s method is based on
three flap, two lead-lag, and two torsional free vibra-

. tion modes of a rotating beam. The free vibration
modes were calculated using the first nine exact non-
rotating modes of a uniform cantilevered beam.

The complete aeroelastic model for the blade
and actively controlled flap consists of three sets of
equations. The first two sets consist of nonlinear dif-
ferential equations that describe the structural de-
grees of freedom and aerodynamic states. The equa-
tions of motion for the elastic blade are represented
by the expression given in Eq. {3). The complete set
of aerodynamic state equations are given by Eq. (10)
and can be expressed as:

fa(qb: qb}ab:xa,i37 qtﬂf’) = 0. (12)

A third set of equations represent the trim equa-
tions, representing the force and moment equilibrium
in steady, level flight, which can be simbolically repre-
sented by the expression given in Eq. (5). To obtain
the coupled trim/response solution, only the steady
state response of the system is considered. In this
case, the trim condition can be represented by the
implicit nonlinear equations

fe(ae) = 0. (13)

Evaluation of Egs. (13) requires the steady state
hub loads that correspond to the trim parameters q¢.
These are obtained by integrating Egs. (3) and (12)
nummerically over time, until the response solution has
converged to the steady state. The trim solution

is cbtained uvsing a simple autopilot type controller
described in Ref. 14.

The circulation loop and the wake geometry
calculation are performed at each rotor revolution un-
til overall convergence is achieved.

5 CONTROL APPROACH

Reduction of the 4/rev hub loads is investi-
gated using a control approach similar to that de-
scribed in Ref. 10. In this approach, a linear optimal
controller is obtained based on the minimization of a
performance index J which is a quadratic function of
vibration magnitudes z and control input amplitudes
u. At the i-th control step,

J =zl Wz +ul Wou; + Anl WayAu;,  (14)

where Au; = 1; — w41,

In this study, it is assumed that the control in-
put and resulting vibration levels are known without
error. Furthermore, a linear, quasistatic, frequency
domain representation of the vibratory response to
control is used [9, 10], given by

z; = 71 + Tior{u; —wi-1), (13)

where T;.; is a transfer matrix relating vibratory
loads to changes in the control input, taken about
the current control u;_;:

gz

=17 m by

T (16)

Substituting (15) into (14), and applying the condi-
tion

oJ
B 0, (1N
yields the optimal local controller, given by

u; = _Di_—}l {TE_,IWZZiml - WAuuiul
~TL, W,Ti1uiy}, (18)

where

Di_y =TF W, Ti; + Wy + Wa. (19)

6 RESULTS AND DISCUSSION

The results presented in this section are di-
vided in two parts: (1) closed loop vibration reduc-
tion results, and (2) results illustrating correlation
with experimental data.
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6.1 Vibration Control Studies

The variables plotted are expressed in nondi-
mensional form, using the rotor angular velocity {2,
the blade mass per unit span m and the rotor radius
B as dimensional parameters, which are combined
in a suitable manner so as to nondimensionalize the
pertinent gquantities. The results from both aercelas-
tic models are obtained for a straight hingeless blade
having the parameters given in Table 1.

Using the unsteady, compressible aerodynamic
theory and the control law described, simultaneous
reduction of 4/rev vibratory hub loads with the free
wake mode! was examined. The results were com-
pared with similar resuilts obtained using quasisteady
aerodynamics. Two advance ratios, p = 0.15 and
1 = 0.30, were considered. These two cases corre-
spond to fundamentally different vibration phenom-
ena. At g = 0.15 the effects of BVI are strong and
represent the primary source of higher harmonic air-
loads, while at g = 0.30 BVI is less significant and
vibratory loads are mainly due to the high speed
forward flight. Figures 6 and 7 show the baseline
and controlled vibratory hub shears and moments
when using the unsteady, compressible aerodynamics,
which is referred to as RFA aerodynamics, and the
quasisteady aerodynamics, respectively, at p = 0.15.
Figures & and 9 illustrate similar results at the higher
advance ratio of g = 0.30. The baseline vibratory
loads predicted by the two models differ as much as
50%. For the vibratory vertical shear FHZ, which
is the largest vibratory component, the RFA aero-
dynamic model predicts a value approximately 50%
higher than that obtained with quasisteady aerody-
namics. For both cases, however, the local controller
appears to be effective at reducing the vibratory loads
at both advance ratios, but its performance at the low
advance ratio, g = (.15, is not as good as at u = 0.30.
This is to be expected, since at g = 0.30 the effects of
nonuniform inflow are mild, and earlier results [10] in-
dicated that the actively control flap performed very
well when uniform inflow distribution is assumed.
Figures 10 and 11 illustrate the flap input for the
two advance ratios obtained with RFA aerodynamics
and quasisteady aerodynamics, respectively. The fig-
ures emphasize the differences between the flap input
required for vibration reduction at these two advance
ratios, indicating that the vibratory loads for the two
cases are very different. It should be also noted that
for g = 0.15 larger flap deflections are needed for vi-
bration alleviation. Results with RFA aerodynamics
show that flap input angles as large as 15 degrees
are required. For such large flap deflections nonlinear
aerodynamic effects will be significant, and will be
incorporated in future simulations. Therefore, these
results suggest that one flap might not be sufficient for

controlling BVI induced vibrations, and a dual flap
arrangement studied by Myrtle and Friedmann [15]
could represent a hetter approach.

In figures 12 through 13 the baseline and con-
trolled nondimensional rotating vertical shear at the
root of the blade for the two advance ratios is com-
pared. The oscillatory amplitudes of the loads in the
rotating reference frame increase at ¢ = 0.15 when
compared to p = 0.30, indicating that the controller
alleviates BVI effects at the expense of increased
blade loading. A similar increase can also be observed
for the root bending moment [6].

Finally, control power requirements during vi-
bration alleviation for RFA aerodynamics are com-
pared with those required when using quasisteady
aerodynamics in Figs. 14 and 15. The instantaneous
control power is calculated from:

Pes(9h) = —Ms (%) 6(1) (20)

where Ms is the control surface hinge moment and
4 is the angular velocity of the control surface about
its hinge. In these figures the results denoted by QS
Aero - indicate quasisteady Theodorsen type aerody-
namics and RFA Aero - indicate the new unsteady
aerodynamic model. In Fig. 14 power requirements
at the advance ratio p = 0.30 with RFA and qua-
sisteady aerodynamics and the free wake model are
compared with the results from the uniform inflow
assumption. It is evident that power requirements
are larger for the free wake case. Figure 15 com-
pares power requirements at g = 0.15 from RFA and
quasisteady aerodynamics with the free wake model.
The power requirements at g == 0.15 are approxi-
mately one order of magnitude larger than the ones
relative to advance ratio g = 0.30. This is due to the
large amplitude of the flap control angles required for
BVI-induced vibration reduction. The power require-
ment distribution at u = 0.15 exhibits several sharp
peaks due to the higher harmonic content of the BV
induced aerodynamic loads. Figure 15 indicates that
higher average flap actuation power requirements are
obtained using RFA aerodynamics.

6.2 Correlation with Experimental Data

The objective in this section is to validate the
analytical simulation developed by comparing the re-
sults obtained from the simulation with the experi-
mental data from Figs 8c - 8f of Ref. 18. In these
plots, phase sweeps of elevon motion were performed
t0 investigate the effect of the phase of flap motion
on vibratory loads and to determine flap effective-
ness at discrete elevon harmonics. The results from
the phase sweeps were used in Ref. 18 to reduce root
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out-of -plane bending moments based on a simple su-
perposition model, and therefore they represent the
most significant data on flap effectiveness for vibra-
tion reduction purposes provided in Ref. 18.

The flap motion employed in the phase sweep
study can be analytically described as:

8(xp) = 8icos(ity + ¢) (21)

where ¢ is the flap motion phase and 2/rev, 3/rev,
4/rev and 5/rev harmonic motions were chosen for
the flap actuation. The data points in the plots were
obtained in the following manner. First, harmonic
motion for the flap was chosen ( 1 = 2,5), then a
phase sweep was performed, acquiring data points for
a series of phase angles ¢. Finally, the amplitude of
the blade root flap bending moment at the frequency
of the flap motion was calculated and plotied. The
elevon angles in Ref. 18 are induced by a piezoelec-
tric bimorph in which the voltage is controlled. The
results in Ref. 18 indicate that the flap deflection
amplitudes dy; in the phase sweeps varied between
4% — 6°, depending on the specific harmonic being
considered. Therefore, in the simulations the value of
ds; was selected to be dy; = 5° for all the phase sweep
angles.

The results were obtained on a two-bladed ro-
tor at the rotor speed of 760 RPM and an advance
ratio of 1 = 0.20. The rotor main characteristics are
presented in Table 2. The two rotor blades presented
some slight differences in their construction, therefore
two sets of data are presented in each plot, one rela-
tive to the first blade, referred to as Bladel, the other
relative to the other one, named Blade2. In addition
to the phase sweep results, the baseline (denoted in
the plot as uncontrolled) values of root moment am-
plitudes are indicated in the plots by straight lines. It
is worthwhile mentioning that some additional curves
presented in Fig. 8c - 8f of Ref. 18, which were ob-
tained by a curve fitting procedure, have not been
reproduced here, since they have no bearing on the
correlation objective of this paper. Two sets of re-
sults have been obtained in the course of the simula-
tions performed. The first set has been obtained using
quasisteady aerodynamics. The second set is based
on the unsteady, compressible aerodynamic model,
which will be referred to as the RFA model. The finite
element-based structural representation described in
Section 3.1 has been employed in the simulations,
since it can reproduce more accurately the nonuni-
form spanwise structural and inertial properties of
the blades used in the experiment.

The results using quasisteady aerodynamics
are shown in Figures 16 through 19. The results
from the simulation are compared with the experi-
mental data points from Figs. 8c - 8f, taken from

Ref. 18. Both the results for Bladel and Blade2
are shown. Note that the blade structural and iner-
tial parameters which have been used in the simula-
tion represent a trade-off between Bladel and Blade2
properties. Therefore, the results from the simulation
are expected to fall somewhere between these two
datasets. The baseline values of root moment har-
monics have been predicted fairly well, with a maxi-
mum error of about 30% for the 3/rev root moment
amplitude. Results from phase sweeps also show good
overall agreement with experimental data. As ex-
pected, the resuits from the simulation show trends
that are a trade-off between the results from Bladel
and Blade2. The larger discrepancies occur for the
2/rev moment amplitudes in Figure 16, where some
data points show a difference as large as 50% from
the experimental data. Furthermore, it is notewor-
thy that in this case a 90° shift seems to be present
between simulation and experimental data. Results
for the 3/rev, 4/rev and 5/rev harmonics, shown in
Figs. {17} - (19) indicate very good agreement. It
is important to mention that simulations have been
computed using a flap correction factor Oy = 0.2.
This is a much lower value than Cy = 0.6 adopted
in the control studies described in the previous sec-
tion, as mentioned in Table 1. The implication of
the low value of Cf is that the flap effectiveness has
been overestimated in the control studies performed
using quasisteady aerodynamics. Figure 20 shows the
effect of the flap correction factor Cy on the 3/rev
phase sweep results. In this plot, results for values of
Cr=02,Cy = 0.4 and C; = 0.6 are compared with
experimental data. With an increase in C}, all the
values in the distribution are increased by a constant
term, and the value Cy = 0.2 provides the best fit
with experimental data.

Results based on RFA aerodynamics are pre-
sented in Figs. 21 through 24. Similar to the quasis-
teady aerodynamics case, the baseline values of root
moment harmonics have been predicted fairly well,
with a maximum error of about 50% for the 5/rev
root moment amplitude. Results from phase sweeps
also show good agreement with experimental data ex-
cept for the 5/rev case, where a discrepancy of 70% is
evident when compared to the experimental resuls.
The analytical results for the RFA aerodynamics have
been obtained for the same value of the flap correc-
tion factor 'y = 0.6 as the one used in the control
studies. Therefore the control studies performed with
RFA aerodynamics represent a more realistic set of
data than the one obtained from quasisteady aerody-
namics, where the effectiveness of the flap has been
overestimated. This also explains the higher flap dis-
placement and flap actuation power requirements for
the RFA control studies when compared to those ob-
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tained from quasisteady aerodynamics. It is inter-
esting to note that the flap correction factor Cy has
a completely different physical meaning for the RFA
model than it has for the case of quasisteady aero-
dynamics. In the RFA aerodynamic model Cy is a
multiplicative factor that attenuates the amplitudes
of the flap generalized motions, whereas in the quasis-
teady aerodynamics case it reduces the aerodynamic
loads due to the flap. The effect of the flap correc-
tion factor Cy in the RFA model is shown in Fig. 25
for the 3/rev phase sweep results. In this plot, re-
sults for Cy = 0.6 and Cy = 0.4 are compared with
experiment. Increasing the value of Cy results in an
increase in the magnitude of the peaks and valleys of
the distribution, leaving the average value unchanged.

7 CONCLUDING REMARKS

Two aeroelastic response models based on two
different aerodynamic theories have been developed
for the simulation of BVI on helicopter rotors with
partial span trailing edge flaps. The models have
been compared with experimental data. The resuits
represent an important contribution towards under-
standing the mechanism of BVI and its alleviation by
active control. The principal conclusions are summa-
rized below:

(1) The mechanism of vibration reduction using the
ACF is fundamentally different for BVI (g = 0.15)
and vibrations due to high speed forward flight (u =
0.30).

(2) When using quasisteady or RFA aerodynamics,
a reduction of approximately 80% was observed for
BVI vibration, while at high forward flight vibration
reduction in excess of 90% is obtained. The magni-
tude of control angles and the harmonic content are
also substantially different between these {wo cases.
(3) Results from RFA aerodynamics indicate that flap
input angles as large as 15 degrees may be required.
For such deflections, oue flap might be inadequate
and a dual flap arrangement may be reguired.

(4) Alleviation of BVI due to ACF increases the os-
cillatory root bending moments and shears in the ro-
tating system.

{(5) Power requirements for vibration reduction in the
presence of BVI are an order of magnitude higher
than those needed for high speed forward flight, due
to the larger magnitude of flap control angles for the
= 0.15 case.

(6) Higher average flap actuation power requirements
for vibration reduction in the presence of BVI are
obtained using RFA aerodynamics, when compared
to quasisteady aerodynamics.

(7) Simulations of phase sweeps relative to 2/rev,
3/rev, 4/rev and fi/rev flap motion were performed

and compared with experimental results from Ref
18. Comparison between analytical and experimen-
tal data showed good correlation for most cases.

(8) Correlation study indicates that control studies
performed using quasisteady aerodynamics have over-
predicted the influence of the control flap, due to an
excessive value of the flap correction coefficient Cj.
By contrast, results from RFA aerodynamics provide
more realistic information, since a more appropriate
value of Cy was selected. The effect of the flap cor-
rection coefficient on the two aerodynamic models has
been studied and clarified.

(9) The ACF displays exceptional potential for allevi-
ating vibratory loads due to BVI, however this prob-
lem is more complex than vibration due to high speed
flight. Refined control strategies for BVI alleviation
need to be developed by incorporating information
about the distance between blade tip and vortex in
the objective function.
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Table 1: Configuration for the Vibration Reduction
Studies {Servo Flap)

Rotor Data
EL,/m(2R* = 0.0106
EI./mQ?R* = 0.0301
GJ/mPR* = 0.001473

Lb =1.0 np = 4
(ka/km)? = 2.0415 a=2m

kn1 /B =100 Eme/R =002
¥=25.5 B, =00

o =0.07 ¢y /R =0.055
Helicopter Data

Cw = 0.00515 Cgo = 0.01
Zpo{R =050 Zrpa/R =025
Xre/R=0.0 Xra/R=10.0
Flap Data,

Les = 0121, Ces = Cp/4

Xpe = 0.75104 Cr=086

Table 2: Configuration for the Correlation Studies
(Plain Flap)

Rotor Data

Ny =2 Ly=1.0
wr =111  e=0.106R
wry = 1.08 cp = 0.0756
wr =46 o =0.048
v =16.85

Flap Data

%e.s = 0.75R

L =012R  c¢os = ¢3/10
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Figure 1: Schematic model of hingeless blade with
actively controlled partial span trailing edge flap.
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Figure 10: Flap deflection history at the advance ra-
tios g = 0.15 and u = 0.30, RFA aerodynamics.
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Figure 12: Nondimensional rotating root vertical
shear, p = (.15, quasisteady aerodynamics.
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Figure 25: Effect of flap reduction coefficient C; on
3/rev phase sweep (760 RPM, p = 0.20, RFA aero-
dynamics)
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