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Abstract

This paper presents the analysis of aeroelastic Rotorcraft-Pilot Coupling (RPC) problems. The struc-
tural dynamics of the airframe and of the rotor, and the dynamics of the control system, including the
passive biomechanics of the pilot, are modeled using a free general-purpose multibody solver. The aero-
dynamics of the main rotor is modeled using an original free wake implementation based on the Boundary
Element Method (BEM). The analysis is applied to the collective bounce problem, by assessing the ex-
istence of the phenomenon and the appropriateness of the aerodynamic and aeroservoelastic model for
its analysis. The influence of various properties of the model on the stability of the response is discussed
as well.

1 INTRODUCTION

This paper illustrates a joint activity between re-
search groups of the Universities Roma Tre and
Politecnico di Milano for the investigation of aeroe-
lastic Rotorcraft-Pilot Coupling (RPC). The interac-
tion of helicopter dynamics and aeroservoelasticity
with the pilot in a frequency band characteristic of
rotorcraft aeroelasticity is analyzed. The presence
of the pilot in the control loop may cause the un-
intentional transmission of the vibratory motion of
the rotorcraft through the control inceptors.

Unintentional commands can degrade perfor-
mances and handling qualities. McRuer noted that
in some cases the pilot can destabilize the sys-
tem [1]. As a consequence of a trigger event,
pilots can introduce voluntary although uninten-
tionally incorrect commands because of an incor-
rect perception of the aircraft behavior, resulting
in Pilot-Induced Oscillations (PIO). When the un-
intended commands are introduced by an involun-
tary intervention, often because related to higher
frequency dynamics, the result is often indicated
as Pilot-Assisted Oscillations (PAO).

These problems received significant attention in
fixed wing aircraft in the last decades, since the in-
troduction of significant control augmentation. Ro-
torcraft analysis received less attention than fixed
wing with respect to PAO. The passive biomechan-

ics of rotorcraft pilots, with respect to the collec-
tive control, has been studied by Mayo in 1989
[2]. Bell Helicopter took pilot biomechanics into ac-
count during the development of the V-22 [3], and
incorporated it in the design of the BA-609 [4]. Re-
ports of Rotorcraft-Pilot Coupling (RPC) with US
Navy helicopter operation have been presented by
Walden [5].

During an exploratory activity performed by
GARTEUR HC AG-16, key aspects of RPC have
been discussed and highlighted. A classification
of RPC has been proposed, based on the fre-
quency of oscillatory phenomena that character-
ize the problem [6]. PIOs are usually related to
flight dynamics, in the range up to 1 Hz, while
PAOs typically occur at frequencies between 2
Hz and 8 Hz, and are associated with aeroe-
lastic phenomena. The distinction is relatively
straightforward for fixed-wing aircraft. However,
rotary-wing aircraft may show significant overlap-
ping since a broad band of frequencies impacts
flight dynamics while being close to pilot limbs’ in-
trinsic biodynamics. This paper summarizes the
numerical simulation activity performed by Roma
Tre and Politecnico di Milano, originating from
the GARTEUR activity, continued within a na-
tional project in partnership with other Italian uni-
versities, and now further pursued within the EC
7th Framework Programme ARISTOTEL (http:
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//www.aristotel.progressima.eu/), to in-
vestigate the key aspects of the phenomenon.

2 MODELING AND ANALYSIS APPROACH

Specific rotorcraft aeromechanics aspects char-
acterize their interaction with the pilot’s passive
biomechanics. Aeroservoelastic models based on
Multibody System Dynamics (MSD) and Boundary
Element Method (BEM) aerodynamics of rotorcraft
are used to describe essential aspects of the prob-
lem including: main and tail rotor aeromechanics
and aeroelasticity, airframe dynamics, control sys-
tems servodynamics.

The passive biomechanics of the pilot is mod-
eled for specific controls using transfer functions
available from the literature [2, 3]. Analogous
transfer functions subsequently identified from re-
sults obtained in dedicated test campaigns per-
formed in cooperation with the University of Liv-
erpool using the ‘Bibby’ flight simulation facility [7]
are considered as well. Their application to the
aeroservoelastic analysis of rotorcraft [8] allowed
to investigate the influence of unsteady aerody-
namics and airframe dynamics modeling on RPC
proneness [8, 9, 10].

A critical aspect consists in determining the
most appropriate aeroelastic modeling detail that
allows to efficiently capture the essence of the
phenomenon. The availability of suitable pilot
models is also essential, since the pilot’s passive
impedance represents the uncertain phase shift
and gain that may alter the stability of the sys-
tem by feeding the rotorcraft vibration back into the
control chain.

As discussed in previous works [8], the appear-
ance of adverse couplings is related to simultane-
ously considering: a) pilot’s feedthrough, b) rigid-
body motion of the rotorcraft, c) deformability of the
blades and d) of the airframe, all coupled by the ro-
tor aerodynamics.

These aspects are duly taken into account in
the analysis by merging the structural dynamics
and multidisciplinary capabilities of the MSD solver
with the accurate yet efficient modeling of aerody-
namic loads provided by the BEM solver [11, 10].
The influence of free wake modeling on hover and
forward flight stability has been addressed in [12].
Aspects related to tiltrotor aeroelasticity in interac-
tion with the pilot’s passive biodynamics have been
considered as well [13, 14, 15]. The capabilities of
the proposed coupled solver are used to investi-
gate the problem in detail.

2.1 Structural Dynamics

The structural dynamics of the helicopter are
modeled using the free general-purpose multibody
solver MBDyn (http://www.mbdyn.org/), de-
veloped by the Aeroservoelasticity and Structural
Dynamics research group of the ‘Dipartimento di
Ingegneria Aerospaziale’, Politecnico di Milano.
The approach is quite general: the MSD solver can
directly address many aspects of the problem, in-
cluding aeroelasticity itself, although built-in aero-
dynamics is limited to Blade Element/Momentum
Theory (BE/MT), while provisions exist to dele-
gate fluid dynamics to external solvers [16, 17, 18].
However, an efficient and accurate rotor aerody-
namics solver, capable of dealing with massive
aeroservoelastic analyses required by RPC, is not
available internally. As a consequence, in this work
aerodynamics is delegated to an external solver,
discussed in the next section.

The structural model consists of the main rotor
and the airframe. The rotor, sketched in Fig. 1, is
modeled using the multibody approach: kinemati-
cally exact constraints, enforced by means of La-
grange multipliers, describe the relative motion be-
tween the rigid bodies that constitute the hub, the
blade bearings and the pitch control mechanism,
while structural dynamics is dealt with by nonlin-
ear Finite Element (FE) beam elements based on
an original Finite Volume (FV) formulation [19], and
by lumped masses.

The airframe is modeled using the Component
Mode Synthesis (CMS) approach. The CMS
model accounts for the arbitrary rigid-body motion
of the airframe, with superimposed structural de-
formation modeled by selected Normal Vibration
Mode (NVM) shapes, whose frequency is within
the range of interest, and with a non-negligible par-
ticipation of the motion of the rotor attachment and
crew seat points. The NVM have been computed
with the rotor mass lumped at the connection point.
The rotor mass has been subsequently removed
from the modal mass matrix, according to the ficti-
tious masses approach [20], since the rotor mass
is already contributed by the multibody model of
the rotor. The interface between the CMS model
and the MSD domain occurs at selected points,
including the main rotor attachment, the tail rotor
attachment (although the tail rotor is approximated
by a lumped force) and the seats of the pilot and of
the co-pilot. The main rotor is connected to the air-
frame by a revolute joint that enforces the relative
angular velocity.

Although a complete model of the free-flying he-
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Figure 1: Sketch of the main rotor structural dynamics model.

licopter, including the tail rotor, has been devel-
oped, for the purpose of this investigation the over-
all rigid-body motion of the helicopter is selectively
constrained to enforce the desired flight condition.
Only the rigid-body degrees of freedom deemed
important for each specific analysis are allowed.

2.2 Aerodynamics

The aerodynamics that govern the forces act-
ing on a helicopter are dominated by the un-
steady behavior of the main rotor and its inflow on
the fuselage, the tail rotor and the other aerody-
namic surfaces. The accurate analysis of problems
involving the interaction between vortexes and
bodies requires the application of specifically de-
signed three-dimensional, unsteady aerodynamic
solvers. The boundary integral formulation for po-
tential flows introduced in [21], developed by the
Aeroelasticity research group of the ‘Dipartimento
di Ingegneria Meccanica e Industriale’, Università
Roma Tre, is used in this work.

It represents an enhancement of the formulation
proposed in 1974 by Morino [22], which overcomes
numerical solution instabilities caused by the im-
pingement of the wake on body surfaces. This for-
mulation introduces the decomposition of the po-
tential field into an incident, ϕI , and a scattered
potential field, ϕS. The scattered potential is gen-
erated by sources and doublets over the body sur-
faces, and by doublets over portions of the body
wakes very close to the trailing edges they em-
anated from (near wake, SN

W ). The incident poten-
tial is generated by doublets over the complemen-
tary wake regions that compose the far wakes, SF

W .
These wake portions may impinge on other sur-
faces.

The scattered potential is discontinuous across
SN

W , whereas the incident potential is discontinuous
across SF

W . Hence, as demonstrated in [21], for

ϕ = ϕI +ϕS the scattered potential is obtained by

ϕS(x, t) =
∫

SB

[
G(χ−χI)−ϕS

∂G
∂n

]
dS(y)

−
∫

SN
W

∆ϕS
∂G
∂n

dS(y), (1)

where G is the unit source solution and ∆ϕS is the
potential jump across the wake surface [21]. In
addition, χ = v · n accounts for the impenetrability
boundary condition (v denotes the body velocity
due to rigid and elastic body motion; n is the sur-
face unit outward normal vector), while χI = uI ·n,
with the velocity induced by the far wake, uI = ∇ϕI ,
given by

uI(x, t) =−∇

∫
SF

W

∆ϕS
∂G
∂n

dS(y). (2)

The incident potential affects the scattered poten-
tial by the induced-velocity term, χI ; in turn, the
scattered potential affects the incident potential
by its trailing-edge discontinuity that is convected
along the wake and yields the intensity of the dou-
blet distribution over the far wake.

Equation (2) is discretized with a zero-order dis-
cretization using N panels over the far wakes. Re-
calling the vortex-doublet equivalence, the incident
velocity field may be evaluated using

uI(x, t)≈−
N

∑
n=1

∆ϕS
(
yT E

Wn , t−θn
)∫

Cn

∇xG×dy, (3)

where Cn denotes the contour line of the n-th far
wake panel, yT E

Wn
is the trailing edge position where

the wake material point currently in yWn emanated
at time t−θn, and ∇x denotes the gradient with re-
spect to x. This equation represents the velocity
field given by the Biot-Savart law applied to the
vortexes having the shape of the far wake panel
contours and intensity ∆ϕS(yT E

Wn
, t−θn).

A finite-thickness core is introduced in those vor-
texes where a regular distribution of the induced
velocity is guaranteed, along with a stable and
regular solution even in body-vortex impact con-
ditions [21] (this may only affect the far wake).
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Once the potential field is known, the Bernoulli
theorem yields the pressure distribution and the
corresponding aerodynamic loads are obtained by
integration over the surface of the bodies.

The aerodynamic solution may be obtained con-
sidering either a prescribed wake shape or a wake
shape distorted in accordance with the resulting
velocity field (free-wake analysis). The free-wake
shape is obtained starting from the numerical eval-
uation of the potential gradient (remember that in
this aerodynamic formulation u = ∇ϕ) at the wake
material points that represents their velocity in a
frame of reference fixed with the undisturbed air.
Thus, for ∆xw(t) denoting the distance between the
position of a wake material point at the current time
t and the position of the same wake material point
at the instant when it was emitted by the trailing
edge, the following equation may be written

d
dt

∆xw = u. (4)

Equation (4) is integrated through the Crank-
Nicolson method and the wake shape is renewed
accordingly. Note that the numerical scheme
leaves the time integration step uncorrelated with
respect to the azimuthal spatial discretization of
the wake, thus allowing a finer wake mesh close to
the trailing edge (thus accelerating numerical con-
vergence) combined with an efficient aeroelastic
coupling with the structural dynamics equations.

Figure 2 shows a free-wake shape obtained for
a two-blade helicopter rotor in forward flight at an
advance ratio µ = 0.25, where it is possible to ob-
serve the finer wake mesh in the vicinity of the trail-
ing edge, as well as the regularity of the distortion
of the surface. The wake consists of 144 panels in
azimuth, integrated using 216 time steps per rev-
olution. Each blade is discretized using 16 panels
in radial direction and 10 panels in chord. A mesh
of this quality can be considered accurate for anal-
ysis in forward flight.

2.3 Fluid-Structure Interaction

The coupling of the aerodynamic BEM solver
with the free general-purpose multibody solver
MBDyn represents a key aspect of this study. A
general approach has been chosen, in order to ex-
ploit the general communication and field mapping
capabilities provided by the MSD solver.

In the current implementation, the structural
and the aerodynamic solver are run as sepa-
rate processes, and communicate using standard
UNIX sockets (either local or inet). The MSD

Figure 2: Distorted wake shape from free-wake
analysis of a two-blade helicopter rotor in forward
flight.

solver sends information about the kinematics of
the structural model to the aerodynamic solver,
and receives the aerodynamic loads in response.
The two domains are mapped using a linear pro-
jection that extracts generalized information from
the beam-based FEM modeling of the rotor and
projects it on the Ritz shapes used by the BEM
solver to model the deformation of the fluid-body
interface, including rigid-body motion related, for
example, to the rigid flap, lag and pitch blade mo-
tion of an articulated rotor. The generalized loads
provided by the BEM solver are projected back on
the FEM nodes of the MSD model by the projector
conjugated to the previous one. This guarantees
that both models experience the same amount of
work done by the interface forces for the interface
displacements [23].

The absolute motion of an arbitrary structural
node i of the MSD model is described by its ori-
entation Ri and location xi. The configuration of
node i, expressed in the relative reference frame
represented by the orientation and the location of
another node, r (the hub node, in the present anal-
ysis), is

R̃i = RT
r Ri (5a)

x̃i = RT
r (xi−xr) , (5b)

where the tilde ˜(·) indicates quantities in the rel-
ative reference frame. The differentiation of arbi-
trary rotations is defined in terms of the derivative
of the orientation matrix. For example, the angular
velocity ωi is defined as ω = ax(ṘRT ), where ax(·)
is the inverse of the cross-product operator (·)× .
Similarly, the virtual rotation is θδ = ax(δRRT ). The
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linear and angular velocity of node i are

ω̃i = RT
r (ωi−ωr) (6a)

˙̃x = RT
r (ẋi− ẋr)+ x̃i×RT

r ωr. (6b)

The relative motion is

R̃i ∼= R̃i (HRq) (7a)
x̃i ∼= x̃0i +Hxq (7b)

when it is small enough to be approximated by the
linear combination of a set of shape functions Hx,
HR weighted by the multipliers q.

As soon as θ̃i ∼= HRq is small enough, the first-
order approximation

R̃i ∼= I+(HRq)× (8)

can be used for the relative orientation.
After defining θ̃δ and δx̃ as the collection of the

virtual rotations and displacements of all nodes,
and δq as the virtual perturbations of the modal
variables, the mapping[

Hx
HR

]
δq =

{
δx̃
θ̃δ

}
(9)

can be inverted, using the Moore-Penrose Gener-
alized Inverse (MPGI), or pseudo-inverse, to yield
the projection matrix H+ that projects the virtual
relative motion of the nodes onto the space of the
modal variables q, namely

q = H+

{
x̃− x̃0

θ̃

}
. (10)

The same transformation projects the velocities,

q̇ = H+

{
˙̃x
ω̃

}
. (11)

According to the Virtual Work Principle (VWP),
the virtual work of nodal forces and moments, f̃
and m̃, is equal to that of the generalized forces
p, conjugated to the generalized coordinates q,
namely

θ̃
T
δ m̃+δx̃T f̃ = δqT p. (12)

Considering the virtual perturbation of the map-
ping of Eq. (10), the nodal forces are{

f̃
m̃

}
=
(
H+
)T p, (13)

whose virtual work is equivalent to that of the gen-
eralized forces. In the absolute frame, the force
and moment related to the i-th node result in

fi = Rr f̃i i 6= r (14a)

fi =−Rr ∑
j

f̃ j i = r (14b)

mi = Rrm̃i i 6= r (14c)

mi =−Rr ∑
j

(
m̃ j + x̃ j× f̃ j

)
i = r. (14d)

The contributions of force and moment applied to
the generic nodes to the force and moment in node
r need to be subtracted, according to Eqs. (14b)
and (14d), from the corresponding rigid-body rotor
force and moment computed by the BEM solver.

The BEM solver models the deformation of the
blade as the linear combination of lag, flap and tor-
sion modes, including rigid modes (i.e. articulated
rotor lag and flap, and rigid pitch) if needed. Fur-
ther details are given in [10, 12].

The coupling procedure, from the point of view
of the MSD solver, is:

1. transform the configuration of participating
structural nodes in the reference frame of
node r according to Eqs. (5) and (6);

2. compute the modal variables q and their
derivatives according to the mapping of
Eqs. (10) and (11);

3. pass the mapped motion and the motion of
node r to the BEM solver;

4. receive the generalized forces and the rigid-
body forces and moments from the BEM
solver;

5. transform the generalized forces in nodal
forces and moments according to Eq. (13);

6. transform the nodal forces from the reference
frame of node r into the absolute reference
frame according to Eqs. (14).

The two solvers are tightly coupled; in fact, they
can communicate at each iteration, thus converg-
ing cooperatively within each time step. In most
analyses, however, the wake geometry can be
considered frozen within the time step. In those
cases, the coupling, although formally tight, actu-
ally consists in a single exchange, which corre-
sponds to the kinematics predicted, for that time
step, by the numerical integration algorithm used
by the MBS solver. The MSD solver subsequently
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iterates as required to converge with the resulting
aerodynamic loads.

This approach allows to exploit the points of
strength of the BEM and of the MSD solver in the
analysis of this intrinsically multidisciplinary prob-
lem. In fact, as reported in earlier analyses [8],
the appearance of adverse couplings is related to
simultaneously considering

1. pilot’s biodynamic feedthrough,

2. rigid-body motion of the rotorcraft,

3. compliance of the blades and

4. compliance of the airframe,

all interacting through the aerodynamics of the ro-
tor.

2.4 Interaction with the Pilot

The distinguishing aspect of the present work
consists in considering the interaction between the
aeroelasticity of the helicopter and the pilot biody-
namic feedthrough. A complete analysis needs to
consider:

• how airframe vibrations are transmitted to the
pilot’s body;

• how the vibration of the pilot is transmitted to
the control inceptors;

• how the motion of the control inceptors is
transmitted to the rotor actuators;

• how the commanded motion of the actuators
is transformed in rotor controls.

In modern rotorcraft, with partial or full authority
Automatic Flight Control System (AFCS), the mo-
tion of the control inceptors is filtered and com-
bined with other inputs, generated by the AFCS,
before being fed to the control actuators. However,
in this work the AFCS is not considered.

Some of the above mentioned aspects have
been already addressed, at least preliminarily, in
previous works [8, 10], and thus are only briefly
described in the following.

The pilot models are coupled with the system
within the MSD solver. So-called General-purpose
elements (GENEL) allow to model arbitrary system
dynamics. The passive pilot is modeled as a State
Space (SS) representation of a Multi-Input Multi-
Output (MIMO) system1. It receives in input the

1Multiple-SISO (MSISO) would be a more appropriate
name, since in currently available models all axes are indepen-
dent.
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Figure 3: Pilot transfer functions from [2], modified
to yield the relative rotation.

absolute acceleration of the seat, and outputs the
motion of the control inceptors, namely the collec-
tive bar and the cyclic stick. Since this work fo-
cuses on the collective bounce problem, only the
collective control is considered.

The transfer functions Habs(s) proposed by Mayo
[2] describe the absolute acceleration of the collec-
tive handle with respect to the absolute accelera-
tion of the seat, a(s), for the so-called ‘ectomorphic’
(smaller size) and the ‘mesomorphic’ (larger size)
pilots, They need to be transformed into the (rela-
tive) rotation of the collective bar as a function of
the vertical acceleration of the seat.

Habs, meso =
4.02s+555.4

s2 +13.31s+555.4
(15a)

Habs, ecto =
5.19s+452.3

s2 +13.70s+452.3
. (15b)

The relative acceleration, namely the acceleration
of the pilot’s hand with respect to the acceleration
of the cockpit is Hrel(s) = Habs(s)− 1. The rotation
of the bar is obtained by dividing the relative ac-
celeration by the distance L between the collective
bar hinge and the point where the pilot grabs the
stick, and by integrating twice,

∆θ(s) =
1
s2

1
L
(Habs(s)−1)a(s). (16)

When this transformation is applied to Eqs. (15),
the transfer functions of Fig. 3 result. The pres-
ence of two integrators 1/s2 in Eq. (16) yields a
drifting behavior when s→ 0. This is not physical,
as it would imply, for example, that the collective
reduces indefinitely because of gravity. What this
experimental transfer function is missing is the fact
that the pilot’s active behavior will compensate any
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low-frequency change of collective inceptor posi-
tion as soon as it is adequately detected. To ac-
count for this, the functions are high-pass filtered
by turning the integrator poles 1/s2 into stable real
poles α1, α2 close to zero (αi < 0), namely

∆θ(s) =
1

(s−α1)(s−α2)

1
L
(Habs(s)−1)a(s). (17)

The dashed lines in Fig. 3 illustrate this correction.
They correspond to turning either one or both the
integrators into one or two poles at 1 Hz. The
‘active’ pilot behavior, in previous analyses, was
delegated to a simple PD regulator with very low
gains, in order to minimize its interaction with the
dynamics of the system in the frequency range of
interest, while loosely flying the helicopter in the
desired flight condition [8, 10, 12]. Alternatively,
exploiting McRuer’s crossover model [24, 25], the
active pilot model can be obtained by considering
that the open-loop behavior of the aircraft and the
pilot can be represented as

HOL(s) = Gc Hpilot(s) Haircraft(s) =−
ωc

s
e−τes, (18)

i.e. the combination of an integrator and a human
operator time delay τe with a given crossover fre-
quency ωc that usually show some task depen-
dence. The term Gc represents the gearing factor
between the control inceptor and the actual mo-
tion of the related control surface. Considering for
Haircraft(s) a low-order approximation of the rotor-
craft dynamics about the axis under consideration,
the active pilot model can be obtained as

Hpilot(s) =−H−1
aircraft(s)

ωc

sGc
e−τes. (19)

In the case of the vertical bouncing, a minimal
rotorcraft model that describes the vertical posi-
tion z as a function of the collective control θ is
Mz̈= Z(ż,θ), where M is the mass of the helicopter,
while Z is the thrust of the rotor. Its linearization, in
the Laplace domain, is

Haircraft = Hzθ =
Z/θ

s
(
sM−Z/ż

) , (20)

with Z/θ > 0, Z/ż < 0, thus the model of the aircraft
is asymptotically stable and can be inverted. In
this case, Gc is the gearing factor between the col-
lective stick rotation and the collective pitch of the
blades. The resulting pilot model is

Hpilot(s) =
ωcZ/ż

GcZ/θ

(
1− s

M
Z/ż

)
e−τes. (21)

Table 1: Crossover pilot model data.
M 2200. kg
Z/θ 4000. N/deg
Z/ż −1400. N·s/m
ωc 3.10 radian/s
τe 0.33 s

An estimate of the values appropriate for a heli-
copter of the class of the Bo-105 for the vertical
positioning task are reported in Table 1, where ωc
and τe may show some limited dependence on the
frequency ωi that characterizes the task [24]. To
implement this model in a time marching simula-
tion, the delay can be realized in rational polyno-
mial form using a Padé approximation of the first,

e−τes ∼=
1−

1
2

τes

1+
1
2

τes
, (22)

or of the second order,

e−τes ∼=
1−

1
2
τes+

1
12

(τes)2

1+
1
2
τes+

1
12

(τes)2

, (23)

although a higher-order one might be more appro-
priate.

Figure 4 shows the aircraft and active pilot trans-
fer functions that produce the desired crossover at
ωc = 3.10 radian/s. The figure highlights the error
in phase provided by Padé’s first and second or-
der approximations; the second order one is neg-
ligible up to 1 Hz. The pilot’s transfer function of
Eq. (21) is not realizable, as the number of ze-
ros exceeds that of poles. In practice, this means
that high-frequency input is excessively amplified,
something counter-intuitive in a pilot model, since
one expects the pilot to be unable to act on the
controls beyond a well limited bandwidth. In order
to prevent this spill-over, the input to the active pilot
is low-pass filtered by a second-order Butterworth
filter

Hfilter(s) =
1

1+
√

2
s

ωb
+

(
s

ωb

)2 (24)

with cut frequency ωb = 3ωc.
More sophisticated models, like the human Op-

timal Control Model (OCM), show a similar behav-
ior [26]. Both approaches yield a behavior that is
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roughly analogous to Hess’ Structural Pilot Model
(SPM) [27], with emphasis on the biomechanical
behavior.

In this work, the main parameter affecting the
RPC is the gain G that scales the action of the pilot
on the collective stick with respect to the pitch of
the blades. This parameter can be thought of as
the sensitivity of the blade collective pitch control
to the motion of the inceptor. In conventional he-
licopter controls, this parameter is usually defined
as a linear mapping between the collective pitch
range (for example, 0 to 20 deg) and the ergonom-
ically acceptable excursion of a conventional col-
lective stick. An increase in G corresponds to re-
ducing the excursion of the control inceptor for a
given range of collective pitch.

2.5 Actuation System

The outputs are transformed into swashplate
commands after additional filtering, intended to
represent the dynamics of the actuation system.
For example, the dynamics of the hydraulic actua-
tors that command the swashplate motion are typ-
ically expressed using first- or second-order trans-
fer functions, e.g.

y =
1

1+ τs
u (25)

Table 2: Airframe Modes
Mode Freq., Hz
#1 Tail boom vertical bending 6.0
#2 Tail boom lateral bending 8.0
#3 Fuselage vertical bending 11.5
#4 Tail boom torsion 12.5

or

y =
1

1+2ζs/ω0 + s2/ω2
0

u, (26)

where u = G∆θ is the actuator elongation com-
manded by the pilot, while y is the actual elonga-
tion. The MSD model of the control system kine-
matics transforms the actuator elongation into the
appropriate blade pitch.

In principle, within the MSD approach the
impedance of the actuators can also be consid-
ered, and nonlinear effects like friction, saturation,
freeplay, backlash can be added. These effects, for
example, may characterize Cat. II PIO [1]. How-
ever, they are beyond the scope of this work, as
they typically impact RPC related to ‘intentional’ pi-
lot inputs.

3 RESULTS

3.1 Model Description

The model is representative of a lightweight heli-
copter with hingeless rotor design, loosely inspired
by the Bo-105. The structural dynamics of the
airframe and the aerodynamics and structural dy-
namics of the main rotor are modeled. The tail
rotor dynamics and aerodynamics are neglected,
since the airframe is constrained to only allow free
vertical motion. The dynamics of the control sys-
tem are accounted for using a first-order transfer
function. Only the pilot models proposed by Mayo
[2] have been considered.

The airframe is described by 4 NVM, reported in
Table 2 (frequencies are approximate). A modal
survey, correlated with numerical analysis, was
provided in [28]. The first mode involves signifi-
cant bending of the airframe about the pitch axis,
and significant out of phase relative vertical motion
between the main rotor attachment and the cabin
floor, thus possibly introducing non-negligible in-
teraction between the vertical oscillation of the ro-
torcraft and that of the pilot’s and co-pilot’s seats.
However, all mode shapes show some participa-
tion of those points, as discussed later.
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When analyzed by the BEM solver, the main ro-
tor has been modeled using three elastic modes
for flap and lag, and one rigid and two elastic
modes for torsion. The rigid torsion mode repre-
sents the actual rotation of the blade about the
pitch bearing, thus accounting for both the im-
posed pitch and that resulting from the compliance
of the control system. Each blade is dealt with in-
dependently, so a total of (3+3+3) ·4 = 36 modes
are considered, while the finite element model of
the rotor consists of 11 · 4 = 44 structural nodes.
Since only section-wise displacement and torsion
participate in the mapping, a total of 132 out of
264 nodal degrees of freedom are involved. For-
mally, the projection matrix H+ of Eq. (10) is 36
by 264; however, owing to its significant sparsity,
it contains only 372 non-zeros, for a 3.9% fill-in.
Since the matrix is only used for matrix-vector mul-
tiplications, either direct or transpose, its sparsity
is heavily exploited, thus minimizing the computa-
tional effort related to the mapping.

The free wake is modeled using 160 panels in
azimuth. The structural dynamics are integrated
using 100 time steps per revolution. The blade is
meshed using 14 panels in the radial and 10 in
the chordwise direction. Aeroservoelastic analy-
sis with free wake are correlated with correspond-
ing analysis performed using Pitt-Peters’ dynamic
inflow model [29] coupled to blade element aero-
dynamics, which are available within the multibody
dynamics analysis.

Since a non-trivial detailed nonlinear aeroser-
voelastic model is being analyzed, a special pro-
cedure is needed in order to initialize the analy-
sis as appropriate. Instead of resorting to a spe-
cialized steady solution, trimmed initial conditions
are obtained by solving a modified transient. The
structural dynamics model is initially clamped to
the ground at the CM of the airframe. The main
rotor is rotating at full rpm (Ωmain = 44.4 radian/s).
The collective control is defined as

θ0 = θ0 nominal +∆θ0 autopilot +∆θ0 pilot +∆θ0 excitation
(27)

where ∆θ0 pilot is computed according to Eq. (17),
while ∆θ0 autopilot is either computed by a dedi-
cated Proportional-Derivative (PD) controller or by
a crossover-based active pilot model according to
Eq. (21) that makes the rotorcraft follow the pre-
scribed trajectory (constant height in the present
case); ∆θ0 excitation introduces an excitation in the
system.

3.2 Aeroelastic Analysis in Hover

Figure 5 shows the main rotor thrust (top) and
the vertical acceleration of the center of mass (CM)
of the aircraft (bottom) after the initial trim phase
(which takes place from 0 to 20 rev) and during a
subsequent phase in which a (1−cos) excitation is
introduced at about 35 revolutions according to

∆θ0 excitation = A(1− cos(ωt)) (28)

with A = 1 deg and ω = 2·π·5 radian/s for 5 s < t <
5.2 s; ∆θ0 pilot is zero.

As one would expect, there is a direct corre-
spondence between the rotor thrust and the ver-
tical acceleration of the airframe. The free wake
analysis seems to yield a fair correspondence with
dynamic inflow in terms of peak to peak ampli-
tude, with a slightly different frequency of the ver-
tical bounce mode, i.e. the coupled rotor collective
cone-airframe mode. The free wake thrust and ac-
celeration are not as smooth as those of the blade
element analysis owing to the intrinsically transient
nature of the free wake analysis.

Coupled BEM/MSD analyses of RPC in hover
are not specifically addressed because they were
discussed in some detail in [10], in an early imple-
mentation of the coupling. Focus is rather placed
on analysis in forward flight, which is the subject
of the subsequent section. Hover analyses are
considered in subsequent sections to highlight the
sensitivity of the collective bounce RPC to other
parameters of the analysis.

3.3 Aeroelastic Analysis in Forward Flight

Figure 6 shows the main rotor thrust (top) and
the acceleration of the center of mass of the air-
frame (bottom) after the initial trim phase, and dur-
ing an excitation phase where a collective “dou-
blet” is applied, consisting of two (1− cos) func-
tions of amplitude 0.5 deg of opposite sign, the
second one phased half period after the first one.
The 4/rev oscillation in the thrust is clearly visible
in the free wake analysis, while it is somehow par-
tially smoothed out by the dynamic inflow. How-
ever, the transient response of the two analyses is
quite similar.

Figure 7 shows the acceleration of the center
of mass of the airframe (top) and the pilot’s con-
trol (bottom) at different gain levels from blade ele-
ment analysis. The solution is unstable for a gain
G = 1.2. The diverging oscillation occurs at about
0.55/rev, which corresponds to 3.92 Hz, slightly
above the frequency of the pilot’s pole. An identifi-
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Figure 5: Thrust and vertical acceleration of the
airframe CM without passive pilot participation.
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Figure 6: Thrust and vertical acceleration of the
airframe CM without passive pilot participation.
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Figure 7: Vertical acceleration of the airframe CM
and pilot control for different values of pilot gain, G.

cation of the time response from time series after
reducing the motion by means of a Proper Orthog-
onal Decomposition (POD), as illustrated in [30],
yields the blade mode shape shown in Fig. 8. The
mode shape clearly shows a predominance of the
first flap mode with a significant participation of the
first lead-lag mode and of essentially rigid pitch,
introduced by the pilot by means of the collective
control. The blade flapping is slightly preceded by
pitching, so it appears to be a consequence of the
increased lift due to the pitching introduced by the
pilot. The lag motion follows, essentially because
the increase in pitch results in increased drag, and
because the flap principal axis tilts backwards with
pitching. The same oscillation, for G = 0, occurs at
a slightly higher frequency, about 4.05 Hz.

Figures 9 and 10 compare the acceleration of
the center of mass of the airframe (top) ad the
pilot’s control (bottom) at G = 1.1 and 1.2 for the
blade element and the free wake analyses. In the
first case (G = 1.1), very similar trends, in terms
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Figure 8: Unstable mode shape in forward flight for
G = 1.2.

of response to the excitation and stability of the
perturbed solution, are observed. In the second
one (G = 1.2), whereas the blade element analy-
sis shows a clean diverging oscillation shortly after
the excitation ends, the free wake show a sort of an
erratic behavior, which can probably be interpreted
as the result of the initially unstable behavior that
strongly interacts with the wake.

In both cases, the amplitude and the frequency
of the excitation have been further divided by two,
to cure convergence issues in the analysis cou-
pled with free wake. The nearly sustained oscilla-
tions that appear before the excitation are related
to the interaction with the pilot, which does not al-
low the analysis to reach a steady condition after
starting from perturbed initial conditions, since the
rotorcraft-pilot mode is only marginally stable, or
unstable.

3.4 Influence of Active Pilot

The influence of the active pilot model on the
stability of the problem has been considered by
replacing the intentionally very low bandwidth au-
topilot with the crossover-based pilot model of
Eq. (21). Stability results are not significantly af-

11



-2.5

-2.0

-1.5

-1.0

-0.5

 0.0

 0.5

 1.0

 1.5

 20  25  30  35  40  45  50  55  60

ac
ce

le
ra

tio
n,

 m
/s

^2

time, rev

blade element
free wake

(a) Vertical acceleration.

-0.8

-0.6

-0.4

-0.2

 0.0

 0.2

 0.4

 0.6

 0.8

 20  25  30  35  40  45  50  55  60

co
nt

ro
l, 

de
g

time, rev

blade element
free wake

(b) Pilot control, ∆θ0 pilot.

Figure 9: Vertical acceleration of the airframe CM
and pilot control for G = 1.1.

fected, as soon as adequate low-pass filtering is
applied to the input of the active pilot function, to
prevent its intervention in response to oscillations
caused by the passive pilot model. However, the
active pilot model shows a radically different be-
havior with respect to the admittedly oversimpli-
fied autopilot used in previous analyses. For ex-
ample, consider the limit case of prescribing a de-
sired step change of vertical position, something
that resembles the transition phase of the vertical
maneuver described in ADS33 [31].

Figure 11(a) illustrates the prescribed and the
actual vertical displacement without (G = 0) and
with the passive pilot model in marginal stability
conditions (G = 0.85). The crossover-based active
pilot model responds to a step input with a delay
that is consistent with τe (about 0.3 s). When no
passive pilot model is considered the response is
very prompt, with appreciable overshooting. When
the passive pilot model is considered the response
is appreciably slower. The presence of minimal os-
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Figure 10: Vertical acceleration of the airframe CM
and pilot control for G = 1.2.

cillations, associated with vertical bouncing, can
be barely noticed. However, Fig. 11(b) clearly
shows how the relatively sharp response of the ac-
tive pilot triggers the vertical bounce oscillation. In
this sense, the main effect of considering a more
realistic, although simple active pilot model, is the
triggering of aeroelastic RPC events associated to
performing relatively realistic tasks. Figure 11(c)
shows the collective angle in response to the step
vertical position input. The response of the passive
pilot model (the curve labeled ‘passive’) clearly
shows a non-negligible low frequency content, in-
terfering with the active pilot model response (the
curve labeled ‘active’). This explains the much
slower response of Fig. 11(a), as soon as the os-
cillation develops, when G = 0.85. This effect is
purely numerical; it is dictated by the fact that the
passive pilot model has been arbitrarily corrected
by a high-pass filter at 0.1 Hz; a higher value, say
0.5 Hz, would probably reduce the amount of over-
lapping between the two models.
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Figure 11: Response to step input.

Table 3: Dependence of pilot mode damping on
airframe modes in hover.

Case damping factor, %
No Pilot

No modes 8.3
Modes #1 + #2 + #3 + #4 8.5

Pilot, G = 0.85
No modes 3.2
Mode #1 only 1.7
Mode #2 only 2.1
Mode #3 only 2.5
Mode #4 only 3.4
Modes #1 + #2 1.0
Modes #1 + #3 1.7
Modes #2 + #3 1.7
Modes #1 + #2 + #3 0.7
Modes #1 + #2 + #3 + #4 0.7

3.5 Influence of Airframe Dynamics

Table 3 shows how the type and number of air-
frame modes considered in the analysis may im-
pact the stability of the problem. When the pilot is
disconnected (G = 0), the problem shows a pair of
poles at about 4.5 Hz associated to the rotor col-
lective flap. Regardless of the number and type
of airframe modes considered, this pole shows a
damping of about 8.5%. When the pilot is in the
loop (sitting in the “pilot” seat, using Mayo’s meso-
morphic transfer function, with high-pass filtering
at 0.1 Hz) and all four airframe modes are consid-
ered, a gain G = 0.85 provides marginal stability
(0.7%). In this case, when no airframe modes are
considered, the damping jumps to 3.2%. When
each airframe mode is independently activated,
the damping never reduces to less than 1.7%; the
higher the number of the mode that is activated,
the higher the damping. Mode #4 seems to have
no impact on stability, since the damping factor is
the same as in the case of no active modes. How-
ever, modes #1 to #3 seem to have some role,
since when only a subset of them is active the
damping is higher than with the nominal case. This
seems to indicate that: 1) the model considered in
this analysis is at convergence; 2) airframe flexi-
bility plays an important role in the stability of the
system, further justifying the “aeroelastic” charac-
teristic of the problem; 3) only modes #1 and #2
may have a dynamic role in the instability, while
mode #3 should only play a static role since its fre-
quency is clearly separated from the one that be-
comes unstable.
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3.6 Influence of Blade Compliance

The compliance of the rotor plays an important
role in the aeroelastic RPC mechanism. This as-
pect has not been investigated in detail, as in most
analyses a nominal aeroelastic model of the rotor
has been considered. However, after noticing that
despite the nearly rigid pitch motion in the unsta-
ble mode shape shown in Figure 8 some torsion
of the blade occurs, the blade has been made tor-
sionally rigid by increasing the torsional stiff GJ by
a factor 104. This resulted in a reduction of the trim
collective by about 1.2 deg.

Figures 12 and 13 compare the vertical acceler-
ation of the rotorcraft CM in the nominal and tor-
sionally rigid case with G respectively equal to 0
and 0.85. Figure 8 clearly indicates that the phe-
nomenon is dominated by rigid blade pitch; how-
ever, elastic torsion of the blade significantly af-
fects the stability of the problem, basically elimi-
nating the instability. The instability occurs when
the gain is increased to G = 1.08, more than 25%
higher than the value G = 0.85 for the nominal stiff-
ness. It is worth stressing that in this case the tor-
sion of the blade is essentially static, since the low-
est torsional mode is at about 28 Hz, thus nearly
one decade above the unstable mode.

3.7 Computational Cost

The analyses presented in this work have been
performed over a long period of time and on differ-
ent machines of comparable performances. Typ-
ical simulations required to perform 70 main ro-
tor revolutions and 7000 time steps, for about 10
s of simulated time. The blade element analysis
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Figure 12: CM vertical acceleration with torsionally
stiff blade: G = 0 (no pilot).
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Figure 13: CM vertical acceleration with torsionally
stiff blade: G = 0.85.

is very efficient: aeroelastic models consisting of
about 700 equations run in 3 to 4 times realtime,
since 10 s of simulated time are executed in 30 to
40 s, depending on analysis complexity and time
step used (100 to 120 steps per rotor revolution).
The free wake analysis has a significant compu-
tational cost, compared to the structural dynamics
and blade element case. The analyses coupled
with free wake have been run on an Intel(R) Core
i7 CPU 930, 2.80 GHz. The coupled analysis with
free wake runs on four cores in about 3 hours.

4 CONCLUSIONS

The paper discusses a numerical investiga-
tion of aeroelastic Rotorcraft-Pilot Coupling prob-
lems, performed with a comprehensive rotorcraft
aeroservoelastic analysis obtained by coupling a
free wake analysis based on an original Bound-
ary Element Method formulation and a general-
purpose multibody dynamics software. Focus is
placed on collective bounce, in hover and forward
flight, highlighting several aspects related to the in-
fluence of the aerodynamic modelling, the influ-
ence of the structural dynamics of the airframe,
and of the modeling of the pilot’s behavior. Good
correlation of results with blade element theory
and dynamic inflow models has been shown.
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