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Abstract

The basic mechanism of the collective bounce phenomenon on tiltrotors is discussed. This phenomenon may arise if the
pilot’s biomechanics interact with the airframe elastic modes, in particular with the 1st Symmetric Wing Bending (SWB)
mode. A simplified aeroelastic tiltrotor model, able to capture the aircraft heave motion and the low–frequency out-of-
plane wing bending dynamics, is proposed. The model, representative of the Bell XV-15, is validated with data reported in
literature. The closed-loop pilot-vehicle system shows that the direct effect of a change in collective input results in a nearly
immediate change in thrust, which accelerates the tiltrotor exciting the 1st SWB mode and, in turn, the pilot biomechanics
generating an unstable feedback path. Robust stability analyses are performed using the Nyquist criterion for SISO systems,
considering the feedback loop between the vertical acceleration at the pilot seat and the collective pitch input. Means of
prevention, considering both active and passive devices, are investigated and compared with pros and cons.

1 INTRODUCTION

Several pilot-in-the-loop aeroelastic coupling mecha-
nisms have been encountered during the development of
tiltrotors, from the early design and testing of the XV-
15 technology demonstrator [1] to the V-22 experimental
flight tests [2]. On the BA609 (now AW609), the design
methodology has benefited from the past experience and
pilot-in-the-loop stability analyses have been considered
from the early design stage [3], to ensure that the pilot does
not degrade the overall stability of the vehicle.

In tiltrotors, as well as in helicopters, the pilot can re-
spond at the structural frequencies creating an unstable
feedback path caused by inadvertent or unintentional con-
trol inputs, resulting from inertial reactions of the pilot-
control devices to the accelerations of the cockpit. These
phenomena are called Pilot-Assisted Oscillations (PAOs).
The involved vibrations typically occur at frequencies
above those of the human operator bandwidth, between
2 and 8 Hz according to Ref. [4]. PAOs phenomena dif-
fer from the most widely known Pilot-Induced Oscillations
(PIOs), in which the oscillatory behavior of the vehicle re-
sults from commands intentionally introduced by the pilot
as a result of misinterpreted or contradictory vehicle re-
sponse cues, e.g. in a frequency range below 1 Hz [5].
As a consequence, while PIO mechanisms are analyzed by
means of rigid body vehicle models affecting the flight me-
chanics modes, PAO phenomena require aeroelastic mod-
els in order to represent the higher structural mode frequen-
cies.

Both PIO and PAO phenomena are gathered un-
der the definition of Aircraft-Pilot Couplings (APCs) or

Rotorcraft-Pilot Couplings (RPCs) when specifically re-
ferred to rotary wing aircraft. PIO and PAO have been
widely investigated in relation with fixed-wing aircraft. In
recent times, rotary-wing aircraft PIOs received consider-
able attention. Research on PAO phenomena for rotorcraft
is ongoing. In 2007, Walden [6] presented an extensive
discussion of aeromechanical instabilities that occurred on
several rotorcraft during their development and acceptance
by the U.S. Navy, including the CH-46, UH-60, SH-60,
CH-53, V-22, and AH-1. A reasonably complete database
of PIO and PAO incidents that have occurred to fixed-and
rotary-wing aircraft is reported in [5]. Most of those events
occurred in the PAO frequency band and involved the invol-
untary participation of the pilot, often interacting with the
Flight Control System (FCS). In many examples, any at-
tempt to reduce the vehicles PAO tendency was conducted
on a case-by-case basis, and it was usually addressed by
procedural mitigations. Planned structural interventions
were either deferred or canceled due to a lack of time or
resources.

In this paper a PAO phenomenon peculiar of helicopters
is investigated in tiltrotors: the “collective bounce”. It’s
caused by pulsating thrust induced by an oscillation of col-
lective control lever introduced by the pilot. Several studies
have been performed on this phenomenon both through nu-
merical analysis [7] and experimental test [8]. The key fac-
tor on helicopters has been identified in the reduction of the
phase margin of the main rotor coning mode in the collec-
tive pitch-heave loop transfer function [9]. Ref. [9] shows
that the reduction of stability margins, and the possible de-
velopment of instability, is rooted in the coupling of the first
collective flap (or coning) mode of the main rotor and the



biodynamic mode of the pilots arm holding the collective
control inceptor. Helicopters specifically prone to collec-
tive bounce phenomena are those with a coning frequency
close to the pilot’s biomechanical pole at about 2.5–4 Hz;
i.e. medium/heavy lift helicopters with long blade spans
and low rotor speeds. Recently, a collective bounce phe-
nomenon was experienced by a danish AW101 helicopter
during a landing∗. Although the crew was not seriously
injured the helicopter was heavily damaged.

On classical stiff-in-plane gimballed tiltrotors the coning
mode frequency is over the pilot’s voluntary/involuntary
bandwidth, but the collective bounce phenomenon may
still arise if the pilot’s biomechanics interact with the air-
frame elastic modes, in particular with the 1st Symmet-
ric Wing Bending (SWB) mode. In ref. [3] Parham et al.
list the frequencies, obtained in NASTRAN, of a detailed
AW609 airframe model in airplane and helicopter mode
(AP/HE-MODE) configurations. The 1st SWB frequency
ranges from 3.35 Hz in APMODE to 3.02 Hz in HEMODE.
Similar results are found for the XV-15 [10, 11]. Conse-
quently, the collective bounce may result as a resonance
phenomenon between the airframe 1st SWB mode and the
pilot’s unintentional control input on the collective lever
produced by the cockpit vertical accelerations.

Flight test of the V-22 revealed several mechanisms for
pilot biomechanical coupling with the airframe dynam-
ics [2], involving a 1.4 Hz lateral oscillation on the ground,
a 3.4 lateral oscillation in APMODE and a 4.2 Hz longi-
tudinal oscillation in APMODE. No PAO phenomenon on
the vertical axis has been noticed since the V-22 Osprey is
not controlled by a collective lever but rather by a Thrust
Command Lever (TCL) as conventional fixed wing aircraft.
The fore/aft displacement of the TCL decreases the possi-
bility to trigger a PAO phenomenon on the vertical axis.
Conversely, on the AW609 civil tiltrotor (as on the XV-15)
it was preferred the installation of a Power Lever (PL) that
acts as a collective pitch lever in helicopter mode and a
thrust control in airplane mode. The vertical displacement
of the PL, involuntary introduced by the pilot’s limbs, may
conceive a vertical load path creating a resonance with the
airframe out-of-plane structural dynamics.

2 MODELING PILOT-IN-THE-LOOP AEROELASTIC
PHENOMENA

Pilot-in-the-loop phenomena can be investigated through
the pilot-control device dynamics in feedback loop with the
aircraft models. The PVS can be represented in a simple
flow block diagram, as shown in Fig. 1. The pilot is gener-
ally split in two parts since the control devices are actuated
as a consequence of two logically distinct contributions.
The first contribution is the result of the intentional, or vol-
untary, action performed by the pilot to control the vehicle.

∗See the website http://ing.dk/artikel/

rystelser-i-forsvarets-ulykkeshelikopter-gjorde

-pilot-til-ufrivillig-plejlstang-177495 in Danish, checked
on March 4th 2016.

Figure 1: Flow block diagram of the PVS.

Based on the perceived cues, the pilot operates the control
devices to perform the desired task. The second contribu-
tion originates from vibrations produced by the aircraft and
filtered by the pilot’s biodynamics. These vibrations come
from the interface between the pilot and the cockpit. As
a consequence of such excitation, the pilot’s arm vibrate
while holding the control devices, generating involuntary
controls. Voluntary and involuntary pilot’s inputs are in-
troduced in the aircraft dynamics by means of the contact
forces (FC) exerted by the pilot on the control devices. The
obtained control devices deflections are the pilot’s demand
(δD) that on fly-by-wire aircraft are processed by the Flight
Control System (FCS) and subsequently send to the aircraft
controls through the servo–actuators input (δS). The FCS
often plays an important role on pilot-in-the-loop phenom-
ena. It is worth noting that many of the problems discussed
in [6] arise because of deficiences in the FCS design where
the possibility of indirect pilot activity from other axes con-
tributing to instability in the control law’s primary axis has
not been considered in an appropriate manner. Thus, it’s
becoming important to include the FCS on the PVS mod-
els to predict pilot-in-the loop phenomena.

The investigation of PAO phenomena requires the intro-
duction of involuntary pilot’s models due to their biome-
chanical properties. Experiments are designed to assess the
pilot biodynamic feedthrough (BDFT) in the control inputs
due to helicopter vibrations. The term BDFT is referred to
a phenomenon where external accelerations are transmitted
through the pilot’s body causing involuntary limb motions.
Several pilot’s BDFT have been proposed in the literature
using data from cockpit mockup excitation (see, for exam-
ple, the work by Allen et al. [12], Jex and Magdaleno [13]
and Höhne [14]), flight simulator tests (see, for example,
the work by Mayo [15] and Masarati et al. [16]), and in–
flight measurements (Parham et al. [2]). Numerical models
have been proposed by Zanoni et al. [17] for the charac-
terization of the upper limbs of human operators using a
multibody approach. The simplest, linear, representation
of the pilot’s BDFT is reported in the following:

(1) δD = HBDFT (s) ·yA,

where the pilot’s BDFT is modeled as a transfer matrix
(TM) between the accelerations measured at the pilot’s
seat, i.e. yA, and the control device deflections (pilot’s
demand) δD obtained as output. Some important remarks
must be specified: 1) it is known that humans can adapt

http://ing.dk/artikel/rystelser-i-forsvarets-ulykkeshelikopter-gjorde
http://ing.dk/artikel/rystelser-i-forsvarets-ulykkeshelikopter-gjorde
-pilot-til-ufrivillig-plejlstang-177495


the dynamics of their limbs by adjusting their neuromus-
cular activity (depending of factors such as task instruc-
tion, spatial position and orientation of the human body,
see Refs. [18, 19]) and it is likely that these adaptations
have a large influence on the BDFT. So, even considering
the same pilot the BDFT is not unique; 2) the measured pi-
lot’s BDFT also include the control device dynamics. The
control forces generated by the pilot must react to the in-
ertia, viscous and elastic restoring forces due to the control
device in order to obtain the required deflection. Conse-
quently, although considered separately in the flow block
diagram of Fig. 1, the pilot’s biomechanics and the con-
trol device dynamics are usually part of the same model.
An extimation of the pilot’s neuromuscular activity can be
performed through the measure of the neuromuscular ad-
mittance (NMA), which is the dynamic relation between
the pilot’s control force FC and the obtained deflection δD.
A method to identify the NMA from a detailed multibody
model of the left upper limb has been proposed by Zanluc-
chi et al. in [20] and for both the upper limbs by Zanoni
et al. in [21]. Similarly, a novel technique to measure the
NMA via experimental tests from motion base simulators
has been proposed by Venrooij et al. in [19]. Hence a more
complete, but still linear, representation of the pilot’s bio-
dynamics should also included the NMA transfer matrix in
Eq. 1, namely

(2) δD = HBDFT (s) ·yA +HNMA (s) ·FC.

Some vehicles incorporate digital Fly-By-Wire (FBW)
control systems. In tiltrotors this system can be separated
into a primary flight control system (PFCS) and an auto-
matic flight control system (AFCS) (see Ref. [2]). The
PFCS contains the control laws necessary to maintain mis-
sion effectiveness, which include the pilot device gearing
functions and rotor governor. The cockpit control devices
manipulate the rotor cyclic and collective as well as the
aileron, elevator and rudder control surfaces. The PFCS
provides the necessary control mixing as a function of air-
speed and conversion angle to permit a smooth transition
between helicopter and airplane mode flight regimes. The
AFCS is designed to enhance flying qualities of the aircraft
using feedback path such as pitch and roll rates. Time de-
lays are usually included in the control laws to consider the
time taken by electric signals transmitted by the wires and
processed by the Flight Control Computer (FCC) to reach
the servo-actuator inputs. Again the simplest, linear, repre-
sentation of the FCS control laws can be described by two
transfer matrices, namely

(3) δS = HPFCS (s) ·δD +HAFCS (s) ·yS,

representing the control laws related to the PFCS as a func-
tion of the pilot’s demand (δD) and the control laws related
to the AFCS as a function of the aircraft sensors (yS). The
output of the FCS model is due to the servo-actuator input,
i.e. δS.

The aircraft model for PAO stability analyses can be also
represented as a linear system about a reference (trim) con-

dition, described by the transfer matrix between the servo-
actuator input δS and the output vector y = {yS,yA, . . .}
containing the measures to close the feedback loop with
the pilot and the FCS, namely:

(4) y = HA/C (s,p) ·δS,

where the vector p contains the trim condition.

In the following, the transfer functions of Eqs. 1, 2, 3
and 4 will be defined for the Bell XV-15 tiltrotor, at the
hover, sea-level standard (SLS) flight condition. The col-
lective bounce phenomenon will be investigated consider-
ing only the main vertical dynamics. Moreover, the PVS
will be reduced to a SISO system considering only the di-
rect path between the power lever deflection as pilot’s de-
mand, δD = δPL, and the vertical acceleration measured at
the pilot’s seat, namely yA = aseat

z .

2.1 Aeroelastic tiltrotor model

To analyze the collective bounce phenomenon on tiltro-
tors a simple, analytical, model representing the aircraft
heave motion and the low–frequency out-of-plane wing
bending dynamics has been proposed. Due to the tiltro-
tor symmetry only half of the structure has been analyzed,
as sketched in Fig. 2. The semi-span wing has been mod-
eled as an elastic beam of lenght l and constant out-of-plane
bending stiffness EIxx, constrained to the plane of simme-
try through a slider. The model is based on the XV-15
geometry, weights and wing structural characteristics re-
ported in Ref. [11]. Two concentrated masses, located on
the root (M1) and on the tip of the wing (M2), represent the
fuselage–empennages and the nacelle–rotor bodies. The
mass per unit-of-length of the semi-span wing has been
lumped on its edges, so also included in M1 and M2, in
order to obtain a simple analytical solution of the elastic
problem. This approximation is considered acceptable to
capture the low-frequency wing bending dynamics, since
the wing mass is lower to the fuselage–empennages, na-
celle and rotor masses placed on the wing edges. The per-
centage of lumped wing mass has been selected in order to
improve the correlation with the modal mass and the mode
shape of the 1st SWB mode of the XV-15 tiltrotor reported
in Ref. [11]. Finally, a lumped inertia about the global x
axis has been placed on the tip of the wing, i.e. Jxx (βn),
including the contribution of the nacelle–rotor bodies as a
function of the nacelle angle βn ranging from 0 (APMODE)
to 90 (HEMODE) degrees.

The kinematic of the wing is described as a function of
the vertical displacement at the wing root z(t) and of the
vertical elastic deflection of the wing w(y, t). The total ver-
tical displacement is due to the sum of the two contribu-
tions. The elastic wing is modeled with the Euler-Bernoulli
beam theory and the tiltrotor structural model can be ob-
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Figure 2: Sketch of the simplified tiltrotor model.

tained by the Principle of Virtual Work (PVW), namely:

(5) δW =−δzM1z̈− (δz+δwl)M2 (z̈+ ẅl)−δw′lJxxẅl
′

−
∫ l

0
δw′′EIxxw′′dy = 0,

where it was introduced the term wl = w(l, t), i.e. the elas-
tic deflection evaluated at the wing tip, to condense the
equation of the PVW. Integrating by parts the elastic term
of Eq. 5, applying the boundary conditions at the wing root,
i.e. w(0, t) = w′(0, t) = 0, and considering arbitrary virtual
displacements the following set of differential equations is
obtained:

EIxx
d4w
dy4 = 0,(6a)

(M1 +M2) z̈+M2ẅl = 0,(6b)
M2 (z̈+ ẅl)−EIxxw′′′l = 0,(6c)

Jxxẅl
′+EIxxw′′l = 0.(6d)

The integration of Eq. 6a returns a cubic solution for the
elastic deflection of the wing, namely:

(7) w(y, t) = w1 (t)
y3

6
+w2 (t)

y2

2
,

depending of the two time functions w1 (t) and w2 (t). Sub-
stituting the obtained solution on Eqs. 6b, 6c and 6d and
projecting the equations in a symmetric subspace, the fol-
lowing second order model is obtained:

(8) M1 +M2 M2
l3

6 M2
l2

2
M2

l3

6 M2
l6

36 + Jxx
l4

4 M2
l5

12 + Jxx
l3

2
M2

l2

2 M2
l5

12 + Jxx
l3

2 M2
l4

4 + Jxxl2


 z̈

ẅ1
ẅ2


+EIxx

 0 0 0
0 l3

3
l2

2
0 l2

2 l


 z

w1
w2

= 0,

describing the tiltrotor vertical dynamics in vacuum. The
model of Eq. 8 is used to evaluate frequencies and mode
shapes in vacuum for different tiltrotor configurations, up-
dating the nacelle–rotor inertia Jxx as a function of the na-
celle angle βn.

The aerodynamic database is provided only in hover con-
dition, with βn = 90 deg., including the rotor stability and
control derivatives due to the rotor thrust force and the axial
inflow dynamics described by Pitt-Peters in [22]. A simple
perturbation model of the download acting on the wing is
also included. The steady aerodynamic model must be able
to capture the heave time constant and the 1st SWB aerody-
namic damping. Rotor dynamics are not taken into account
since their contribution is considered faster then the ana-
lyzed airframe dynamics, thus negligible for modeling the
collective bounce phenomenon.

A steady, linearized, contribution of the thrust force pro-
duced by the rotor for the tiltrotor vertical dynamics in-
cludes the stability derivatives with respect to the vertical
velocity measured at the rotor hub żH and the axial (uni-
form) inflow λu, plus the control derivative due to the col-
lective pitch ϑ0:

(9) ∆T =−T/żH
żH −T/λu

λu +T/ϑ0
ϑ0,

where the vertical velocity measured to the rotor hub is
considered equal to the vertical velocity of the wing tip,
i.e. żH = ż+ ẇl . The virtual work due to the thrust pertur-
bation, i.e. δW = (δz+δwl)∆T , returns a damping matrix

(10) C1 = T/żH

 1 l3

6
l2

2
l3

6
l6

36
l5

12
l2

2
l5

12
l4

4

 ,
and two input vectors

(11) f1 =−T/λu

 1
l3

6
l2

2

λu +T/ϑ0

 1
l3

6
l2

2

ϑ0,

to be added at the second order model of Eq. 8. The thrust
coefficients reported in Eq. 9 are obtained in this work
through the blade element theory, as shown in the next sec-
tion.

The download perturbation is modeled as a vertical drag
force distributed on the external sections of the tiltrotor
wing as shown in Fig. 3. The dynamic pressure is due
to the the rotor wake induced velocity impacting down-
stream on the wing added to the wing vertical velocity,
i.e. vw + (ż+ ẇ). During an hover flight condition, the
rotor wake induced velocity impacting on the wing vw is
related to the rotor disk induced velocity v through the con-
servation of mass, namely Av = Awvw (incompressible and
inviscid flow), where A = πR2 is the rotor disk area and
Aw = πR2

w is the rotor wake area at the wing level. The
induced velocity vw can be written as a function of the in-
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Figure 3: Tiltrotor wing subjected to download.

duced velocity v and of the ratio of the two areas as:

(12) vw = v
(

A
Aw

)
= v
(

R
Rw

)2

,

where it can be defined the contraction factor k = A/Aw =
R2/R2

w. The download in hover condition can be evaluated

through the strip theory integrating the download force per
unit of length along the external wing span:

DLH =
∫ l

l−Rw

1
2

ρv2
wcW (y)CDLdy,(13)

where cW (y) is the tiltrotor wing chord, here considered
constant. The aerodynamic download coefficient, CDL, is
roughly extimated as the drag coefficient of 2D flat plate
perpendicular to flow (CDL = 2, see Chapter 1 of Ref. [23]),
since the rotor wake is approximately orthogonal to the
wing surface, obtaining:

DLH ≈
1
2

ρv2
wcW RwCDL,

≈ 1
2

ρk2vcW
R√
k

CDL,

≈ 1
2

ρk3/2vcW RCDL.(14)

In hover condition the download ranges from 10% to 15%
of the overall tiltrotor weight, hence from the knlowledge
of DLH is possible to reverse Eq. 14 to obtain the contrac-
tion factor k. When considering the total velocity the down-
load becomes:

DL =
∫ l

l−Rw

1
2

ρ(vw + ż+ ẇ)2 cW (y)CDLdy,(15)

and the linearized contribution about the hover trim condi-
tion on the PVW returns:

δW =−
∫ l

l−Rw

(δz+δw)ρkv(kΩRλu + ż+ ẇ)cW (y)CDLdy,

(16)

where the rotor induced velocity perturbation has
been introduced as a function of the dimensionless
inflow ratio λu = ∆v/(ΩR). Once defined the down-
load coefficient per unit of length, DL/V = ρkvcWCDL,
containing all the constant contributions of Eq. 16,
the PVW returns a further damping matrix

(17) C2 = DL/V


Rw

1
24

(
l4− (l−Rw)

4
)

1
6

(
l3− (l−Rw)

3
)

1
24

(
l4− (l−Rw)

4
)

1
252

(
l7− (l−Rw)

7
)

1
20

(
l5− (l−Rw)

5
)

1
6

(
l3− (l−Rw)

3
)

1
20

(
l5− (l−Rw)

5
)

1
72

(
l6− (l−Rw)

6
)
 ,



and an input vector as a function of the dimensionless
inflow:

(18) f2 =−DL/V kΩR


Rw

1
24

(
l4− (l−Rw)

4
)

1
6

(
l3− (l−Rw)

3
)
λu.

The steady aerodynamic contributions due to the thrust
and download perturbation are added to the mass and stiff-
ness matrices of Eq. 8. Once defined the state vector
u = {z,w1,w2}T and its time derivatives, the second order
model takes the form:

(19) Mü+(C1 +C2) u̇+Ku = f1 + f2.

The first order inflow model described by Pitt–
Peters [22] is added to Eq. 19 to consider the rotor unsteady
aerodynamics due to the rotor wake–induced volocity. To
capture the tiltrotor vertical dynamics only the axial (uni-
form) contribution λu of the three inflow states is included,
described by the scalar equation reported in the following:

(20) LuMuλ̇u +λu = LuĈT ,

with the apparent mass equal to Mu =
128
75π

and Lu =
1
4

ΩR
v for

the hover configuration. The thrust coefficient also includes
the effects of the rotor hub motion, namely:

(21) ĈT = ∆CT −CTH

żH

v
,

where the first term includes the dimensionless thrust per-
turbation of Eq. 9, i.e. ∆CT = ∆T

ρ(ΩR)2A
, and CTH is referred

to the thrust coefficient in hover condition.
The proposed aeroelastic model is characterized only by

the collective pitch as input. Servo–actuators are not in-
cluded at this preliminary stage since the servo–valve dy-
namics are characterized by higher bandwidth when com-
pared to the collective bounce phenomenon. The aircraft
input can be directly considered as δS =ϑ0. Similarly, only
the vertical acceleration at the pilot’s seat, formally equal to
the acceleration measured at the wing root yA = aseat

z = z̈, is
considered as output, returning a SISO model. The aircraft
transfer matrix of Eq. 4 becomes a simple transfer function:

(22) z̈ = Hz̈ϑ0 (s,pH)ϑ0,

with the trim parameter vector evaluated at the hover con-
dition pH.

The FCS is extremely simplified. In HEMODE, the
PFCS includes only the gear ratio G0 between the power
lever displacement and the collective pitch rotation. Time
delays can be introduced when considering FBW archi-
tectures, as for the V-22 or for the AW609. On the XV-
15 tiltrotor, pilot’s controls were instantly trasmitted to the
servo–actuators through mechanical linkages [24] without
passing to the FCC processing (although they occupied the
whole passenger cabin). Control laws on the vertical dy-
namics are usually not necessary, since they are asymptot-
ically stable and easily controlled by the pilot. Hence, the
proposed model is not characterized by the AFCS simpli-
fying Eq. 3 through a scalar gain, i.e. ϑ0 = G0δPL.

2.2 Validation of the numerical model

The proposed aeroelastic tiltrotor model for collective
bounce analysis is based on the Bell XV-15, since the re-
quired data are available from the open literature. The
structural characteristics are taken by the XV-15 finite ele-
ment stick model of Ref. [11] and here reported in Table 1.

The two lumped masses on the wing edges and the in-
ertia on the wing tip have been evaluated considering the
tiltrotor symmetry about the xz plane, namely:

M1 =
1
2
(MF + kwMW ) ,(23a)

M2 =
1
2
(MR +MN +(1− kw)MW ) ,(23b)

Jxx (βn) = JNx̂x̂ cos2
βn + JNẑẑ sin2

βn

− JNx̂ẑ sin2βn +
1
2

MR (lMsinβn)
2 ,(23c)

where kw represents the percentage of wing mass lumped
on the wing edges ranging from 0 to 1, and initially set to
kw = 0.5. The inertia on the wing tip includes the nacelle
contribution, reported in the global reference frame†, and
the inertia due to the rotor mass transport contribution. The
numerical values of kw and EIxx have been modified in or-
der to reach the frequency and modal mass of the 1st SWB
mode of the detailed XV-15 Finite Element Model (FEM)
reported in Table 3 of Ref. [11], considering the APMODE
configuration, i.e. βn = 0 deg. Results are reported in Ta-
ble 2. The initial data return a smaller frequency and an
higher modal mass when compared with the detailed FEM
model results. To decrease the modal mass an higher per-
centage of wing mass has been lumped on the wing root
(kw = 0.5→ 0.8) while to increase the 1st SWB frequency
the wing beam stiffness has been augmented from EIxx =
3.70E+09 lb-in2 to EIxx = 4.40E+09 lb-in2. Mode shapes
have been rescaled in order to consider the maximum dis-
placement equal to the unity. The updated configuration

†The local nacelle reference frame is aligned with the global refer-
ence frame in APMODE. It can rotate with the nacelle angle βn about the
wing-span axis.

Table 1: XV-15 Structural model characteristics.
XV-15 Characteristic Symbol Value Units
Fuselage massa MF 6182.00 lb
Wing massb MW 2534.00 lb
Left and right rotor masses MR 1118.00 lb
Left and right nacelle masses MN 3166.00 lb
Gross weight MT 13000.00 lb
Nacelle inertia about x̂ axis JNx̂x̂ 100.00 slug-ft2

Nacelle inertia about ẑ axis JNẑẑ 450.00 slug-ft2

Nacelle product of inertia JNx̂ẑ 0.00 slug-ft2

Rotor mast length lM 4.67 ft
Wing semi–span length l 16.08 ft
Wing beam stiffness EIxx 3.70E+09 lb-in2

a Includes empennages, equipment, crew and payload.
b Includes fuel, cross shafting, etc.



Table 2: 1st SWB – Eigenanalysis results.
FEM Modela Proposed Model Proposed Model

Initial Data Updated Data
Percentage of wing mass lumped kw, n.d. - 0.5 0.8
Wing beam stiffness EIxx, lb-in2 - 3.70E+09 4.40E+09
Frequency, Hz 3.4 3.1 3.4
Modal mass, slug 241.6 306.4 241.6
Displacement at the wing tip, ft/ft 1.0000 1.0000 1.0000
Rotation at the wing tip, rad/ft 0.1463 0.1637 0.1486

a See Table 3 of Ref. [11].
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Figure 4: Eigenanalysis in vacuum.

also shows a good agreement in terms of rotation at the
wing tip. Mode shapes in APMODE and frequencies as
a function of the nacelle angle are shown in Fig. 4. The
model is able to capture the rigid heave motion, the first
and second symmetric wing bending modes of the tiltro-
tor. It must be remembered that the proposed model was
developed in order to tune only the 1st SWB. The higher
frequency of the 2nd SWB is the result of the concentrated
inertia on the wing tip, necessary to update the normal
modes as a function of the nacelle angle, although it can

not be considered representative of the real XV-15 due to
the model simplicity. Fig. 4(b) also shows how the SWB
frequencies decrease with the nacelle angle. This is the di-
rect consequence of increasing the wing tip inertia when
passing from APMODE to HEMODE. In particular, the
1st SWB ranges from 3.4 Hz in APMODE to 3.2 Hz in
HEMODE.

The thrust stability and control derivatives in hover, SLS
condition, have been roughly estimated with the blade ele-
ment theory considering blade constant contributions (see
for example chapter 2 of [25]), namely:

T/żH
=

B2
T

4R2 γNbΩIb,(24a)

T/λu
=

B2
T

4R
γNbΩ

2Ib,(24b)

T/ϑ0
=

B3
T

6R
γNbΩ

2Ib.(24c)

Due to the tiltrotor symmetry, the thrust coefficient has
been calculated considering half of the gross weight re-
ported in Table 1,

(25) CTH =
MT g/2

ρ(ΩR)2 A2
,

and the induced velocity with the actuator disk theory,
namely

(26)
v

ΩR
= κh

√
CTH

2
,

where an empirical inflow correction factor of κh = 1.2 has
been taken into account. The XV-15 aerodynamic charac-
teristics in Eqs. 24, 25 and 26 have been extracted by the
work of S.W. Ferguson [26] (see Appendix B) and here re-
ported in Table 3.

Including the aerodynamic data, the eigenanalysis of the
aeroelastic (AE) system returns a stable vehicle character-
ized by a real pole representing the rigid heave dynamics
and two complex and conjugates roots for the first and sec-
ond symmetric wing bending modes. The time constant of
the rigid heave dynamics has been compared with the re-
sults obtained by S. W. Ferguson with the Generic Tiltrotor
simulation (GTRs) code in [27] and with the results iden-
tified by M. B. Tischler during an experimental test cam-
paign of the XV-15 with CIFER [28]. The eigenvalues



Table 3: XV-15 Aerodynamic model characteristics.
XV-15 Characteristic Symbol Value Units
Number of blades per rotor Nb 3 n.d.
Rotor radius R 12.50 ft
Flapping inertia per blade Ib 102.50 slug-ft2

Rotor speed (HEMODE) Ω 589.00 rpm
Lock number γ 3.83 n.d.
Tip loss factor BT 0.97 n.d.
Empirical inflow correction factor in hover κh 1.20 n.d.
Wing chord cW 5.25 ft

Table 4: Aeroelastic roots
GTRs CIFER AE Model AE Model

W/out download With download
Heave-mode time constant, sec 4.99 9.52 5.01 4.32
1st SWB Frequency, Hz - - 3.18 3.18
1st SWB Dampinga, % - - 3.86 3.90

a Includes a 3% of structural damping [11].

are listed in Table 4. Frequency and damping of the 1st

SWB mode are also reported for the AE model, including
the structural damping of 3% as described by Acree et al.
in [11]. Results obtained with the GTRs and CIFER repre-
sent only the rigid, low frequency, behavior of the XV-15.
The comparison of the heave-mode time constant shows a
good correlation with the GTRs data but a poor correla-
tion with the flight-extracted results identified by CIFER.
Both the GTRs code and the AE model underestimate the
heave-mode time constant. Tiltrotor class vehicles, in con-
trast to single-rotor helicopters, are characterized by very
long time-constants due to the higher disk loading [28] and
probably the representation of the aerodynamic loads on
the GTRs code and on the AE model is not sufficiently ac-
curate to correctly capture the heave dynamics.

The aerodynamic forces slightly increase the damping
of the 1st SWB. A small contribution of less than 1% is
added to the prescribed structural damping (3%). The aero-
dynamic damping in hover is mainly produced by the rotors
and the wing does not generate any aerodynamic contribu-
tion. It is the small damping of the 1st SWB mode in hover
making more prone the vehicle to the instability with the
close pilot’s biomechanical pole. Including the wing down-
load, the 1st SWB damping weakly increases (+ 0.04%)
while the heave-mode time constant is reduced from 5.01
to 4.32 sec.

The transfer function (TF) of the vertical acceleration re-
sponse z̈ to the power-lever δPL is reported in Fig. 5(a). The
bode plot shows the TF of the proposed AE model with
analogs results obtained with the GTRs and CIFER. The
comparison is made in a frequency range up to 1 Hz since
the GTRs and CIFER do not represent the higher aeroelas-
tic frequency content. Again, there is a good correlation
between the results of the AE model and the GTRs code,
proving that both models are able to develop the same con-
trol forces. Conversely, the magnitude of the TF identified
by CIFER results lower, demonstrating that the numerical

models overestimate the control forces produced by the ro-
tors. One of the main reason is probably the lack of the
rotor blade pitch dynamics, including the effect of the con-
trol chain compliance, which could justify the higher value
of the control derivative Tϑ0 on the numerical models. In
this case, the static residualization of the blade pitch dy-
namics should improve the correlation with the flight test
data, although an higher value of the control derivative Tϑ0
is conservative for the analysis of the collective bounce
phenomenon, especially during the vehicle design. The ef-
fect of the higher control forces predicted by the numerical
model is also shown in Fig. 5(b), where the time response
to the power-lever input is obtained directly from flight test
data and compared with the results obtained by the model
identified by CIFER and with the proposed AE model. The
AE model is able to capture the general trend recorded dur-
ing the flight test even though it shows higher values of
the vertical acceleration at the same power-lever input. Fi-
nally, it should be noted that the flight test data also show
an higher frequency contribution probably related to the 1st

SWB between 21–25 seconds.

2.3 Pilot-control device biomechanical models

In [15], Mayo identified the BDFT of a human body to
describe the involuntary action of helicopter pilots on the
collective control inceptors when subjected to vertical vi-
bration of the cockpit. In particular, Mayo identified the
TFs between the absolute vertical acceleration of the pilot
hand, z̈h.abs, as a function of the vertical acceleration of the
vehicle, z̈. As discussed in [9], these TFs need to be written
as the relative acceleration of the hand, z̈hand , with respect
to the vehicle acceleration, namely

z̈hand = z̈h.abs− z̈ =−s
s+1/τp

s2 +2ξpωps+ω2
p

z̈.(27)
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Figure 5: Vertical acceleration response to power-lever in-
put.

Two set of pilots have been investigated by Mayo, called
ectomorphic (small and lean build) and mesomorphic
(large bone structure and muscle build). The structural
properties of the Mayo’s ectomorphic and mesomorphic
TFs are reported in Table 5. It should be remembered that
the TF of Eq. 27 must be integrated twice to yield the rel-
ative displacement of the hand, zhand = z̈hand/s2. How-
ever, the double integration gives an integrator-like low-
frequency asymptotic behavior, 1/s, that is not physical (a
pilot would always be able to compensate the error cor-
responding to a slow enough input) and overlaps with the
pilot’s voluntary behavior [9]. The low-frequency asymp-
totic behavior can be corrected by adding a second-order
high-pass filter with cutoff frequency ωh slightly above
the crossover frequency ωc of the voluntary pilot’s model.
Since ωc is less than 0.5 Hz, while the pilot’s biomechani-
cal poles are at about 3.5 Hz, the bands of interest of the
pilot’s voluntary and involuntary models should be ade-
quately separated. The combination of the double integra-

Table 5: Structural properties of Mayo’s TFs.
Ectomorphic Pilot Symbol Value Units
Frequency ωp 3.380 Hz
Damping ratio ξp 32.000 %
Time constant τp 0.117 sec
Mesomorphic Pilot Symbol Value Units
Frequency ωp 3.750 Hz
Damping ratio ξp 28.000 %
Time constant τp 0.107 sec

tion and high-pass filtering yields

HBDFT (s) =−
s

(s+ωh)2
s+1/τp

s2 +2ξpωps+ω2
p
,(28)

where a numerical value of ωh = 3.10 rad/s has been
used in Eq. 28. The maximum vertical displacement of
the XV-15 power-lever inceptor, zMAX

hand = 10.0 inches (see
Ref. [26]), has been used to obtain a dimensionless output
of Eq. 28. The poles associated with the pilot’s BDFT are
well damped (about 30%). The frequency is about 3.5 Hz,
compared with the “three cycles per second” mentioned in
the collective bounce accidents‡.

Pilot’s BDFT have been identified also from flight simu-
lator tests by Masarati et al. in [16], where TFs have been
parameterized for 3 different collective lever reference po-
sitions (10%, 50% and 90%) and obtained for two pilots,
showing two resonant peaks respectively in the 2–4 and
in the 5–7 Hz ranges. The identified TFs are structurally
different from that of Eq. 28 (four poles and two zeros)
but with identical high frequency asymptotic behavior and
with the lower biodynamic pole similar to those that ap-
pear in Mayo’s TFs; the interested reader is referred to that
document for further details.

A pilot-control device model in the form of Eq. 2 can
be obtained through a rational representation of both the
BDFT and NMA transfer functions, consisting of a second-
order low-pass filter in the band of interest (1-10 [Hz]) as
suggested by Zanlucchi et al. in [20], namely:

H(·) (s) =
b(·)

s2 +a1s+a2
,(29)

with (·) corresponding to BDFT and NMA. Eq. 29 can be
used to describe the basic pilot biomechanical behavior and
also to analyze the effects of modifications to the dynam-
ics of the control inceptor on the overall dynamics of the
vehicle. In this work, the TFs coefficients have been tuned
considering the Mayo’s models as starting point. In partic-
ular:

• the denominator coefficients a1, a2 have been defined
in order to obtain the same damping and characteris-
tic frequency of the Mayo’s biomechanical poles, i.e.
a2 = ω2

p and a1 = 2ξpωp;

‡NTSB reports SEA08LA043 and ANC08LA083, see the webpage:
http://www.ntsb.gov

http://www.ntsb.gov
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(b) Neuromuscular Admittance (NMA).

Figure 6: Pilot-control device second-order numerical
model of Mayo’s ectomorphic TF.

• the BDFT numerator bBDFT has been defined in or-
der to perfectly match the Mayo’s pilot biomechan-
ical magnitude at the characteristic frequency, i.e.
bBDFT → ‖HBDFT (jωp)‖, where ωp is the frequency
of the biodynamic pole (see Fig. 6(a));

• the NMA numerator bNMA has been calculated in or-
der to obtain a force gradient, considering a static ref-
erence condition, of about 9 Lb f /%.

The identified coefficients of the second-order pilot-
control device BDFT and NMA TFs are reported in Table 6
considering ectomorphic and mesomorphic pilot’s charac-
teristics. It should be noted that also the proposed second-
order pilot-control device model overlaps with the pilot’s
voluntary behavior. The introduction of an high-pass filter,
with a cut-off frequency above the crossover frequency, can
be used to solve this problem.

The knowledge of the NMA allows to modify the con-
trol device dynamics. For example, it is possible to include
an hydraulic damper in the power-lever to decrease the col-
lective bounce proneness. Considering a linear damper, the

Table 6: Structural properties of second-order pilot-control
device model.

Ectomorphic Pilot Symbol Value Units
Denominator a2 452.30 (rad/sec)2

Denominator a1 13.70 rad/sec
Numerator BDFT bBDFT -1.07 rad2

Numerator NMA bNMA -5.15 rad2/slinch
Mesomorphic Pilot Symbol Value Units
Denominator a2 555.40 (rad/sec)2

Denominator a1 13.31 rad/sec
Numerator BDFT bBDFT -1.07 rad2

Numerator NMA bNMA -6.90 rad2/slinch

pilot’s force acting on the control device will be character-
ized by two contributions, namely:

(30) FC =Cδ̇PL + F̂C,

where the first term is the viscous force produced by the
damper and the second contribution an additional force act-
ing on the device. Applying Eq. 30 in the second-order
pilot-control device model, the following transfer functions
are obtained:

(31) δPL =
bBDFT

s2 +a1s+a2
z̈+

bNMA

s2 +a1s+a2

(
CsδPL + F̂C

)
,

which yields an updated pilot-control device BDFT and
NMA TFs,

H ′BDFT (s) =
bBDFT

s2 +(a1−bNMA ·C)s+a2
,(32a)

H ′NMA (s) =
bNMA

s2 +(a1−bNMA ·C)s+a2
,(32b)

acting on the damping ratio of the biomechanical pole. It
should be noted that the term bNMA is negative, hence the
introduction of the simple linear damper returns a higher
damping ratio on the pilot-control device dynamics.

3 LOOP CLOSURE ON THE VERTICAL AXIS

The loop is closed by feeding the pilot-control device
BDFT to the tiltrotor AE model through the appropriate
gear ratio between the collective pitch rotation and the
power-lever vertical displacement, equal to G0 = ∂ϑ0/∂δPL
= 1.6 deg/in for the analyzed HEMODE configuration (see
Table 8a-IV of Ref. [26]). The PL might also consider an
addtional input δ′PL (e.g. due to the voluntary pilot) added
to the pilot’s BDFT contribution, which yields

(33) δPL = HBDFT (s) z̈+δ
′
PL,

fed into the tiltrotor TF of Eq. 22 through the collective
pitch gear ratio,

(34)
(
1−G0HBDFT Hz̈ϑ0

)
z̈ = G0HBDFT Hz̈ϑ0δ

′
PL.

The Loop Transfer Function (LTF) is thus the coefficient of
z̈ in Eq. 34 minus 1, namely:

(35) HLT F =−G0HBDFT Hz̈ϑ0 .



With the proposed SISO analytical model it is possible to
investigate the stability of the PVS and the sensitivity of the
stability to several design parameters. Instead of using the
classical eigenvalues investigation, in this case it is pos-
sible to exploit the robust stability analysis approach, be-
cause it gives information about the grade of stability with
respect to parameter variations [29, 30]. The Nyquist cri-
terion is very explicative because it intuitively express the
stability degree of robustness as the distance of each point
of the LTF frequency response from the point (−1+ j0)
in the Argand diagram (see chapter 7 of Ref. [31]). Ro-
bust stability indices are phase (PM) and gain (GM) mar-
gins. The phase margin is the phase difference between
the crossing of the LTF with the unit circle and -180 deg.,
namely 180− ∠HLT F

(
jω|HLT F |=1

)
. The gain margin is

1/HLT F
(
jω(−180)

)
, i.e. the inverse of the LTF magnitude

at ω corresponding to -180 deg. of phase. Positive margins
indicate a stable system, while to obtain robust systems is
usually necessary to reach gain margins above 6 dB and
phase margins of 60 deg.

3.1 Stability predictions

Results in the present section highlight the proneness of
the XV-15 tiltrotor to collective bounce according to the
simplified AE model. Initially, the Mayo’s ectomorphic TF
has been introduced in the LTF of Eq. 35. The robust anal-
ysis (see Fig. 7) returns an unstable condition characterized
by negative gain and phase margins. The PVS shows that
the direct effect of a change in collective input results in
a nearly immediate change in thrust, which accelerates the
tiltrotor exciting the poor damped 1st SWB and, in turn,
the pilot’s biomechanics. The phenomenon appears as a
resonance between the two modes, hence completely dif-
ferent from the collective bounce mechanism triggered in
helicopters, in which the highly damped first rotor collec-
tive flap mode (rotor coning) reduced the phase margin of
the pitch-heave loop TF [9]. In tiltrotors, it is rather the
gain margin that is depleted when the pilot-control device
BDFT closes the feedback loop with the low-frequency air-
craft structural dynamics.

These results must be considered as representative, since
several approximations have been introduced in the PVS. In
fact, it should be remembered that the proposed AE tiltrotor
model is conservative for collective bounce analyses, since
it is characterized by an overestimated control derivative
Tϑ0 and it neglects the stabilizing effect due to the power-
lever friction. The PVS is also characterized by several
uncertainties: the pilot-control device BDFT identified by
Mayo have been obtained on a flight simulator that differ
from the XV-15 cockpit with dissimilar control-device dy-
namics, besides the strong impact of the neuromuscular ac-
tivity discussed at the beginning of this work.

Nevertheless, there are two keypoints making the tiltro-
tor prone to the collective bounce phenomenon:

1. the closeness of the 1st SWB frequency with the pi-
lot’s biomechanical pole;
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(b) Bode diagram.

Figure 7: LTF with Mayo’s ectomorphic pilot-control de-
vice BDFT.

2. the poor damping of the 1st SWB mode;

which might bring a PVS close to the resonance. Unfortu-
nately, it is not easy to change the airframe structural fre-
quencies as well as there are not further sources of damping
for the 1st SWB mode (in hover condition the wing is not
producing any aerodynamic force). From the other side, the
pilot-control device BDFT remains the largest uncertainty,
since it changes from pilot to pilot and, also considering the
same pilot, the biomechanical properties are strictly related
to his/her neuromuscular activity.

Sensitivity analyses in Fig. 8 show the bode diagrams
of the LTF for several configurations with different gross
weight, operationg conditions, pilot-control device models
and wing bending stiffness. The PVS are always character-
ized by negative stability margins. Fig. 8(a) shows the LTF
for different values of gross weight. Results are compared
between the standard configuration at 13,000 lb and for the
light/heavy weight configurations reported in the flight en-
velope (see Ref. [24]). A change in the gross weight mod-



Table 7: XV-15 analized configurations.
Case no. Pilot Gross Weight Altitude Temperature Wing Stiffness Gain Margin Phase Margin

MT , lb h, ft T0, oC EIxx, lb-in2 GM , db PM , db
1 Ecto 13,000 0.0 15.0 4.40E+9 -8.8 -63.3
2 Ecto 11,000 0.0 15.0 4.40E+9 -10.2 -73.5
3 Ecto 15,000 0.0 15.0 4.40E+9 -7.4 -54.1
4 Ecto 13,000 0.0 -40.0 4.40E+9 -9.9 -67.1
5 Ecto 13,000 9000.0 15.0 4.40E+9 -7.1 -57.4
6 Meso 13,000 0.0 15.0 4.40E+9 -7.0 -45.5
7 Ecto 13,000 0.0 15.0 3.70E+9 -7.9 -50.8
8 Ecto 13,000 0.0 15.0 5.10E+9 -8.7 -71.9

ifies the frequency of the 1st SWB mode and thus the gain
and phase margins of the PVS. Results slighly improve
when increasing the tiltrotor gross weight up to 15,000 lb.
Increasing the weight, the 1st SWB frequency is reduced
(from 3.18 to 3.06 Hz, hence a bit more distant from the
ectomorphic pilot’s biomechanical pole at 3.38 Hz) and the
negative gain/phase margins are reduced. Opposite results
are obtained when reducing the gross weight, since the new
1st SWB frequency (3.35 Hz when MT = 11,000 lb) results
closer to the pilot’s biomechanical pole. Fig. 8(b) shows
the LTF bode diagrams for different operating conditions.
When operating at ISA -40o C the air density increases of
about +23%; when operating at 9,000 ft the air density de-
creases of about -23%. The air density mainly acts on the
control derivative Tϑ0 ∝ ρ→ γ, increasing the stability mar-
gins at higher altitudes through a reduction of the pilot con-
trol effectiveness. Sensitivity analyses for the ectomorphic
and mesomorphic pilot-control device BDFT models are
shown in Fig. 8(c). Results are quite similar. The critical
pilot remains the ectomorphic one. Although the meso-
morphic pilot’s biomechanical pole is characterized by the
lowest damping ratio (ξEcto = 32% vs ξMeso = 28%, see Ta-
ble 5), the frequency closer to the 1st SWB mode is related
to the ectomorphic pilot, which results closer to the reso-
nance condition. Finally, it is shown that the modification
of the wing bending stiffness acts on the wing frequencies,
although it is necessary a huge mutation of EIxx to shift the
1st SWB mode out of the pilot’s biomechanical influence.
Fig. 8(d) shows the different bode diagrams for 3 values
of EIxx ranging up ± 16% from the nominal value. None
of these three configurations shows a stable situation. The
1st SWB frequency ranges from 2.93 Hz (EIxx = 3.7E+9
lb-in2) to 3.44 Hz (EIxx = 5.1E+9 lb-in2); still too close to
the pilot-control device biomechanical pole. All numerical
data obtained with the analyzed configurations are reported
in Table 7. The worst case scenario results for case number
2, at SLS ISA condition, with Mayo’s ectomorphic pilot
and light weight configuration, although a combination of
the selected parameters may lead to even worst conditions.

3.2 Means of prevention

The previous discussion highlighted how the collective
bounce in tiltrotors is due to the resonance between the

pilot-control device biomechical pole and the poor damped
1st SWB mode. Prevention requires to either reduce in-
voluntary collective control, or to reduce its effect on the
vertical acceleration of the cockpit. Possible means are:

• apply friction to the power-lever, which requires the
pilot to overcome a threshold reaction force to actually
move the device;

• modify the combined pilot-control device BDFT act-
ing on the control device dynamics; a possible solu-
tion consists in adding an hydraulic damper on the
powel-lever to further increses the damping of the
biomechanical pole;

• redesign the control-device; for example by replacing
the power-lever with the thrust control lever used in
the V-22;

• in fully or at least partially augmented tiltrotor, filter
the unwanted dynamics at the FCS level.

In this work, two means of prevention are fully described to
avoid the collective bounce instability: the first is based on
the design of a structural notch filter (active device); while
the second is obtained by adding an hydraulic damper, with
linear characteristics, to the power-lever (passive device).
The design takes into account the XV-15 flight envelope for
the analized hover configuration, considering a test matrix
for all the combinations of #1 gross weight (11,000 lb <
MT < 15,000 lb), #2 operative conditions (from SLS ISA-
40oC to FL090) and #3 pilot-control device BDFT models
(ectomorphic and mesomorphic). Once identified the worst
case scenario, the devices are designed to obtain a stable
and robust PVS, hence with a gain margin above 6 db and
a phase margin of (at least) 60 degrees.

Notch Filters (NFs) are supposed to suppress the reso-
nance peaks of the undesired structural modes, expressed
in terms of LTF (see Ref. [32]). They are characterized by
second-order transfer functions in the form:

(36) HNF (s) =
1+ c1s+ c2s2

1+ c3s+ c4s2 ,

where c1, c2, c3 and c4 are the NF coefficients. However, it
may be useful to adopt a different set of parameters which
are more directly related with the NF features. In particular,
four parameters can be selected for each NF:
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(b) Sensitivity to operating conditions.
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(c) Sensitivity to pilot-control device models.
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(d) Sensitivity to wing bending stiffness.

Figure 8: Sensitivity analyses to PVS parameters.

1. the notch frequency ωNF , where the maximum decline
in gain should be observable;

2. the slope in gain µ (in dB) at the notch frequency;

3. the non dimensional frequency band Breite ξNF ,
where the effects of NFs are significant;

4. the non dimensional gain value µ∞ for infinite fre-
quency.

NF coeffcients and parameters are related to each other
through the following expressions:

ωNF =
1
√

c2
,(37a)

µ = 20log
(

c1

c3

)
,(37b)

ξNF =
c3

2
√

c4
,(37c)

µ∞ =
c2

c4
.(37d)

In this way, such parameters can be easily selected
when analyzing the characteristics of the signal component
which should be filtered. The selected parameters have
been optimized to make sure that the tiltrotor, equipped
with the FCS, satisfies the robust stability criteria. Further-
more, the NF parameters should not be dependent on flight
conditions and aircraft configurations in order to achieve
a realistic clearance procedure. In this work, a single NF
has been designed after an optimization process consider-
ing the test matrix defined at the beginning of this section.
The LTFs data concerning these different conditions are not
managed separately by the optimization algorithm, but an
envelope of all flight conditions and configurations is esti-
mated. Results are shown in Fig. 9(a). Starting from the
bode diagrams of all the LTFs, the LTF envelope is built.
The NF frequency and slope in gain have been selected
in order to suppress the highest resonance peak below the
threshold of -6 db (ωNF = 3.35 Hz, µ = -25 db) in order to
satisfy the gain margin requirement. The non dimensional
Breite has been selected in order to maintain the LTF en-
velope below the threshold of -6 db for all the frequency
band close to the NF frequency (ξNF = 0.6). Finally, a
unitary non dimensional gain value for infinite frequency
has been chosen to restore the frequency content over the
1st SWB mode. The phase behaviour is shown in Fig. 9(b).
The designed NF also satisfies the phase margin requiremet
restoring a robust PVS. However, it should be noted that the
introduction of NF in the aircraft FCS produces a phase loss
in the LTFs (with NF included) that might act in the low-
frequency domain, with negative effects on aircraft flight
dynamics stability. Hence, in order to accomplish the NF
optimization it is necessary to limit its effect only in the
frequency range of interest (reducing the Breite parame-
ter). The proposed NF introduces a maximum phase delay
of about -20 deg. at 1 Hz and the phase loss is reduced
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Figure 9: Robust design of the NF.

for the lower frequencies. This solution satisfies the re-
quirements also for the flight dynamics stability, although
it should be remembered that the NF has been designed
only for the hover condition. When considering the whole
tiltrotor flight envelope the optimization procedure for NF
design could be more complex, forcing to design sched-
uled NFs as a function of the flight conditions and aircraft
configurations.

The design of the hydraulic damper on the power-lever
has been achieved with the modified pilot-control device
BDFT of Eq. 32a introduced in the LTF of Eq. 35. In this
case, for each condition of the test matrix, the viscous coef-
ficient has been evaluated in order to satisfy the robust sta-
bility conditions. Results are shown in Fig. 10. The critical
condition has been obtained for the light weight configu-
ration (MT = 11,000 lb), SLS ISA-40oC operating condi-
tions and with the ectomorphic pilot. The designed viscous
coefficient is equal to C = 2500 Lbf-in/(rad/sec), increas-
ing the damping ratio of the ectomrphic pilot’s biomechan-
ical pole from the original ξEcto = 32% to ξEcto+C = 51%.
This solution is also able to return a stable (and robust)
PVS, although it presents several drawbacks: the phase de-
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Figure 10: Robust design of the hydraulic damper.

lay effect is not localized in the closeness of the resonance
peak but also on the low-frequency flight dynamics band-
width; moreover the hydraulic damper on the power-lever
increases the pilot’s reaction force to move the device and
to control the vehicle. With the designed hydraulic damper,
a pilot’s reaction force of about 20 Lbf is necessary to rotate
a power-lever with a length of 1 ft at an harmonic input of
1 Hz§; clearly an unrealistic force that no pilot would tol-
erate. The design of an hydraulic damper that stabilizes the
PVS, with an acceptable reaction force increment, is still
possible although it will not satisfy the robust conditions.

Of course, there exist several means of prevention that
have not been included in the previous list; passive ab-
sorbers as tuned mass dampers (TMDs) could be mounted
directly on the control-device to mechanically notch the un-
desired pilot frequency as well as on the pilot’s seat to sup-
press the aircraft vibrations that excite the pilot’s biody-
namics. Similarly, active control laws can be designed in
order to increase the damping of the 1st SWB mode. The
designer will have to choose the best solution to satisfy the

§A roughly estimation of the reaction force due to the hydraulic
damper is possible in the frequency domain as: FC = jωCδPL.



robust stability criteria with a thorough evaluation of the
side effects that arise from the introduction of a device and
that may affect the flight mechanics (and consequently the
handling qualities) of the vehicle.

4 CONCLUSIONS

The work describes the collective bounce phenomenon
in tiltrotors, a PAO instability that may arise as a reso-
nance between the pilot’s biomechanical pole and the air-
craft poor damped 1st symmetric wing bending mode. It re-
sults different from the mechanism triggered in helicopters,
in which the highly damped first rotor collective flap mode
(rotor coning) reduced the phase margin of the pitch-heave
loop transfer function.

Stability predictions show unstable conditions character-
ized by negative gain and phase margins. These results
must be considered as representative, since several approx-
imations have been introduced in the PVS. The control
derivative Tϑ0 has been overestimated and the stabilizing
effect due to the power-lever friction has not been taken
into account. The largest uncertainty is due to the pilot. The
pilot-control device BDFT identified by Mayo and used in
this work have been obtained on a flight simulator that dif-
fer from the XV-15 cockpit with dissimilar control-device
dynamics, besides the strong impact of the neuromuscular
activity that may change the pilot’s biomechanical response
as a function of several factors such as task instruction, spa-
tial position and orientation of the human body.

However, it should be noted that there are two key fac-
tors that characterize the tiltrotor as prone to the collec-
tive bounce phenomenon: #1 the closeness of the 1st SWB
frequency with the pilot’s biomechanical pole and #2 the
poor damping of the 1st SWB mode (reduced in hover con-
dition since the wing is not producing any aerodynamic
force). Sensitivity analyses for different gross weight, op-
erating conditions, pilot-control device BDFT models and
wing bending stiffness show that it is not easy to find out
the design parameters to avoid the collective bounce, al-
though several means of prevention are available. Two ex-
amples are reported: a structural notch filter on the collec-
tive control path and an hydraulic damper on the power-
lever. Both are able to stabilize the vehicle with robust sta-
bility margins, even if some drawbacks are present. The
notch filter is usually optimized for one particular flight
condition or aircraft configuration. The design of a sin-
gle (and robust) notch filter for the whole tiltrotor flight
envelope does not seem possible. Scheduled NFs, as a
function of the flight conditions and aircraft configurations,
must be consequently taken into account. The design of
an hydraulic damper acts mainly on the damping ratio of
the pilot-control device BDFT, restoring a stable PVS. To
satisfy the robust stability margins however are necessary
large viscous coefficients, increasing drastically the pilot’s
force to move the device and to control the vehicle.

Future works will be performed on a detailed aeroser-
voelastic model of the XV-15, in order to provide more ac-

curate results considering the complete tiltrotor flight enve-
lope.
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